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ABSTRACT
The creep deformation and rupture behavior of the AH heat treated
and HT heat treated IN-X750 was investigated at 700*C. Creep rupture
tests were performed on smooth bars, circular and British standard
notched specimens which were monitored with the dc potential drop
technique. The potential drop technique was used to measure creep strain
in the three geometries, detect crack initiation and measure crack
propagation rates in British standard notched specimens.
Creep rupture in the AH IN-X750 was found to be controlled by creep
deformation. The idealized form of the Monkman-Grant relationship was
satisfied in all three specimen geometries. The equivalent stress was
shown to correlate the rupture life of the smooth and the circular
notched specimens and the crack intiation time of the British standard
notched specimens. The strain/time relationships for the three specimen
geometries were analysed with the Continuum Damage Mechanics Theory
which provided very good predictions.
The deformation and rupture behavior of the smooth bars and the
British standard notched specimens of the HT IN-X750 was considerable
affected by the environment. Correlation of the rupture data based on
creep damage mechanisms alone was not feasible. Predictions of the
strain/time relationship with the continuum theory were only
satificatory in the case of the circular notched specimens in which the
environmental effect was insignificant.
It was shown that micromechanistic models of creep fracture by
continuous nucleation of cavities and constrained cavity growth can
predict very well the experimental results obtained for AH IN-X750. The
experimental results in HT IN-X750 U-notched specimens agreed very well
with the predictions of models of creep fracture by continuous
nucleation and unconstrained cavity growth. As yet, the inability of
these models to incorporate the effect of environment which was observed
in the smooth bar and the British standard notch tests of HT IN-X750,
indicated the limited applicability of the micromechanistic models to
predict the rupture behavior of engineering alloys.
In the British standard notch specimens, crack initiation was shown
to occur early in life and thus rupture was limited by crack
I
propagation. As a result, understanding and predicting the notch
rupture behavior of engineering alloys can only be obtained by
considering both crack initiation and propagation. The dc potential
drop technique is an experimental tool which can provide the necessary
information.
Thesis Supervisor: Dr. Regis M. Pelloux
Title: Professor of Materials Engineering
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INTRODUCTION
The technical relevance of creep and creep fracture became apparent
with the increase in the operating temperatures of electricity
generating plants, petrochemical installations and aircraft engines.
These engineering developments focused attention on the need for
improved materials having a satisfactory combination of high temperature
mechanical properties and a good resistance to degradation in order to
withstand the hostile service enviornment imposed for long periods of
time.
The complexity of most commercial high temperature alloys has meant
that studies aimed at identifying and quantifying the mechanisms by
which creep fracture occurs, have usually been undertaken using pure
metals and simple alloys. Similarly, most fundamental investigations
and even the majority of engineering design procedures are based on data
which has, for the most part, been determined on idealised specimens
tested under simplified conditions of temperature, loading and
environment. Whereas, components and structures are generally required
to operate under complex conditions which differ significantly from
those of available data.
Since the aim of engineering work on creep and fracture is towards
the better prediction of performance of structures, it is not surprising
that there has been a considerable amount of component testing reported
in the engineering literature. Additionally, multiaxial creep testing
of materials at high temperatures was employed, in order to study the
influence of stress system on fracture. The principal objective was to
develop safe design methods suitable for engineering structures in which
the stress system is invariably complex and therefore different from the
uniaxial stress system normally used in the laboratory. The most widely
used technique for collecting data under a triaxial state of stress, is
the uniaxially loaded circumferentially notched bar.
Uniaxially loaded circumferentially notched bar test data are
presently used as one of the qualitative guides in selecting the best
available material for a specific structure but, as yet, they are not
used to effect a more economical design of that structure. The fact
-19-
that such data are used only in a qualitative way, reflects our limited
understanding of the notch stress rupture test and our difficulty in
interpreting the experimental results in a unified and integrated way.
The recognized influence of numerous variables such as notch geometry,
temperature, strain rate, metallurgical state, notch preparation,
composition, time, mode of fracture, and ductility, along with the
contradictory results of some of the investigations, emphasize the
extreme complexity of the subject [1]. Despite the systematic work
undertaken to investigate the role of some of the variables mentioned
above [2], many issues are still unresolved, partly due to the limited
amount of information, that are normally obtained from a notched stress
rupture test (i.e. fracture time). It is clear that if one wishes to
understand the notched stress rupture behavior of engineering alloys,
then additional information, regarding the deformation and fracture
characteristics of the notched bars, will be required.
The main aim of this resarch work was to investigate the parameters
controlling the creep rupture of notched bars. The effects of notch
geometry, stress level, state of stress, stress distribution and heat
treatment on the rupture behavior, were investigated. In order to
achieve these goals a computerized dc potential drop system was
developed and used to monitor the deformation, microcracking and
macrocracking characteristics of notched bars of IN-X750. Further, the
applicability of Continuum Damage Mechanics in quantifying the rupture
behavior fo notched bars and predicting the notched rupture life from
uniaxial-rupture data was examined. Finally the issue of the relation
between the macroscopic quantities that describe the deformation and
rupture behavior of notched bars and the micromechanisms controlling the
rupture process was addressed.
-20-
I. CREEP DEFORMATION AND FRACTURE
Creep is a time dependent deformation which occurs when a material
is subjected to a load for a prolonged period of time. Of course the
material cannot deform indefinitely and ultimately creep will lead to
fracture or "creep rupture". This type of deformation and fracture
becomes important in engineering applications at temperatures above
about 0.30 times the absolute melting temeprature of the material. A
review of the current knowledge of the mechanisms of creep deformation
and fracture is presented in the following sections.
I.1 Phenomenology of Creep Deformation
The macroscopic description of the physical process is best
depicted by the standard creep curve shown in Figure (I-1). This curve
is conventionally obtained by applying a constant load on a uniaxial
tensile specimen at a constant temperature. There is an initial
elastic-plastic time independent response upon the application of the
load. Thereafter the creep curve is described in three parts: a part
of decreasing creep strain rate called primary creep, a part of
approximately constant creep strain rate called secondary or steady
state creep and a final portion of increasing strain rate called
tertiary creep preceeding fracture. This standard curve is not always
found, and the relative importance of the different stages can vary for
different matierals [3]. In single-phase and microstructurally simple
materials all three stages are generally observed, however in creep
resistant materials, such as nickel base superalloys, there is little
evidence of steady state creep; rather after a small primary creep
strain that varies in extent with testing conditions, most of the creep
curve consists of steadily increasing creep rate [4]. Additionally, the
relative importance of the different stages of the standard creep curve,
can also vary with different stress/temperature regimes, environment and
type of loading [6,7,8].
I.1.1 Uniaxial Constitutive Equations
The majority of experimental creep data is collected from uniaxial
-21-
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tensile tests so that, it is not surprising that the development of
constitutive equations has concentrated on this simple stress state. In
the broadest sense the creep strain may be written as a function of
stress a, time t, and temperature T as
e = f(a,t,T) . (I-1)
One method of simplifying equation (I-1) is to assume that it can be
split into separate functions of the variables, namely
e = f1(a)f2(t)f3(T) . (1-2)
In such cases, the various functions can in principle, be determined
from simple isothermal constant stress creep curves. The stress
function may be either a simple power relationship, often referred to as
Norton's law, or a hyperbolic relationship, which reduces to a power or
an exponential relationship at low and high stress levels respectively
[3,71. The temperature function is often taken to be an Arrhenius type
exponential. The time function was suggested to be either a polynomial
equation of the following general form [3]:
e = blti/ 3+b2t+b3t3  (1-3)
where bl, b2 , b3 are constants for any specified stress and temperature
or an exponential equation of the following general form [3,5,61
E = p]1-exp(-Y pt)] + s t + s exp [YT(t-tT) (1-3)
where Sp is the primary strain
y relates to the rate of decay of the primary stage
op
es is the secondary creep strain rate
5T' T define the tertiary stage which starts at
time tT'
Expressions of this kind envisage normal creep curves as being made up
of three stages, i.e. primary, secondary and tertiary creep. An
alternative description sees the shape of the normal curves as a
consequence of two competing events; decaying primary and accelerating
tertiary processes, i.e. the secondary stage is then, merely the period
of inflection when the decaying rate during primary creep is offset by
the acceleration due to the tertiary creep processes giving an
apparently "constant" rate. This type of approach does not require the
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separation of variables in equation (I-1) which can rarely be justified
experimentally. An experimental expression, compatible with this
concept, representing the shape of standard creep curve, was suggested
to have the following form [6]:
e = 0111-exp(-0 2t)] + 03[exp(04t)-1] (1-4)
where 01, 2, 03, 04 function of stress for specified temperature. In
this case, 01 and 03 act as scaling parameters, which control the
extent, with respect to strain, of the primary and tertiary stages of
creep. 02 and 8. rapidly increases the deceleration in creep rate
during primary creep and acceleration during tertiary creep.
This type of constitutive equations were derived to describe simple
loading histories, such as constant stress or constant load conditions,
and therefore cannot account for more complex stress histories. This
problem of creep transient behavior has led to the development of more
complex types of constitutive equations. It is assumed that creep rate
is not only a function of stress and temperature but also of one or more
"internal variables" which are themselves functions of the history of
the material. The internal variables are intended to describe the
nature of metallurgical structural changes (such as recovery and work
hardening) and hence, allow realistic estimates of transient behaviour.
A wide variety of models are available [12], the more complex requiring
the evaluation of a large number of material constants. Thus, although
the concepts are likely to lead to more precise constitutive equations,
few engineering materials have yet been sufficiently well investigated
to allow detailed evaluation.
Acutal components and structures are however normally subject to
multi-axial stress conditions; consequently constitutive equations
describing the creep behavior of materials under multiaxial stress
conditions are necessary.
1.1.2 Multiaxial Constitutive Equations
Multiaxial stress states have been investigated by the use of
biaxial plates, torsion specimens, pressurised thin-walled tubes and
circumferentially-notched specimens [9]. The overwhelming evidence
-24-
[10,11] of tests on various metals and at various temperatures indicated
that the von Mises stress, controlled the primary and secondary creep
rates. Therefore, equation (I-1) will take the following form in the
case of multiaxial stress state.
e = f(a ,t,T) (1-5)
e e
where the effective strain (e ) and effective stress (a ) can be defined
in terms of the principal strain and stress components as
a = 1//2 [(a-F2)2+( 2-a3)2+(a3- 1 )2]1/2 (I-5a)
e= /2/3 [(a 1-a 2 ) 2+(a2~S3)2+(33~*)2]1/2 (I-5b)
where a., e. are principal stress and strain respectively. Further, it
was found that the effective strain rate is related to the effective
stress in the same way as in the uniaxial case and this conformed to one
equation of the type [10,111.
rs . = 3/2Aa e S (1-6)
where S.. = creep strain rate tensor
S.. = stress deviator tensor
A = A(t) for primary creep and a constant
for secondary creep.
or i. = 3/2 ; (S../a ) (I-6a)
,13 u 13 e
where su = uniaxial creep rate.
Thus, creep rates for the primary and secondary stages, under any
arbitrary stress system, can be derived from uniaxial data, using
Equation (I-6a). On the contrary, the tertiary creep strain rates
cannot be derived from the uniaxial data because tertiary stage creep is
not necessarily describable in terms of the von Mises stresss as it will
be discussed later.
General internal variable models can also be used to describe
transient behavior under multiaxial stress state, but the large number
of material constants required to deal with the multiaxial stress state,
makes the determination of suitable relationships very difficult.
1.2 Mechanisms of Creep Deformation
With exponential descriptions of the standard creep curve, and also
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with most of the polynomial expressions, direct relationships have been
found between the secondary creep rate and the various terms used to
quantify the primary and tertiary stages [13]. These relationships
suggest that the mechanisms by which deformation takes place, are
essentially the same throughout the normal creep curve. This is in
agreement with the simple picture of Bailey (14] and Orowan [15] that
high temperature creep combines two competing mechanisms of strain
hardening and thermal recovery. As a consequence, most theoretical
studies then attempt to identify the processes controlling creep
behavior by reference to the way in which the secondary or steady-state
creep rate ( s) varies with stress (a), temperature (T) and grain size
(d), using an expression of the general form
s = A(l/d )m n exp(-Q /RT) (1-7)
where Qc is the activation energy for creep
R is the gas constant.
Most creep processes cannot be quantified sufficiently well to allow the
relevant mode to be ascertained from a comparison of measured and
predicted creep rates. As a result, the dominant creep process is
generally identified by comparing measured values of the grain size
exponent (m), the stress exponent (n) and the activation energy for
creep (Q c), with the theoretical values expected for specific creep
mechanisms [16] which are briefly described below.
1.2.1 Diffusion Creep
For low stresses, creep deformation of individual grains proceeds
by stress driven diffusion [17,181 either, by bulk volume diffusion
(Nabarro-Herring creep) or by grain boundary diffusion (Coble creep).
No dislocation motion is involved in this diffusion creep mechanism. By
assuming that the grain boundaries are perfect sources and sinks of
vacancies, so that the concentration of vacancies in the grain
boundaries can be predicted from the application of thermodynamic
principles, the steady state creep strain rate in pure metals can be
calculated as [17,181.
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e = 14 ai/kT l/d2 D (1 + Td/d D /D ) (1-8)
s v B V
where Q = the atomic volume
k = Boltzman's constant
D = the volume self-diffusion coefficient
6 = the grain boundary thickness
DB = the grain boundary self-diffusion coefficient
(the other symbols have already been defined previously).
The activation energy of the volume diffusion process is usually larger
than the activation energy of the grain boundary diffusion process.
Coble creep is thus dominant at relatively low temperatures and it is
only at very high temperatures that Nabarro-Herring creep may become
dominant [17, 181.
As individual grains deform by diffusion creep, grain boundary
sliding is required by compatibility in order to maintain the coherency
and the continuity of a polycrystal [19,20,21]. No diffusion creep
deformation of a polycrystal can hence take place without any grain
boundary sliding. The overall diffusion strain rate of a polycrystal is
then equal to the creep strain rate associated to the deformation of
each individual grain provided that the internal stress redistributions
due to grain boundary sliding be taken into account [19,201. Two
limiting cases have been considered where 1) the grain boundaries are
assumed to slide freely so that shear stresses along these boundaries
are fully relaxed, or 2) diffusion is assumed to be fast compared to
grain boundary sliding so that the normal stresses across the boundaries
are fully relaxed [19,20]. Such stress redistributions have been shown
from equilibrium considerations in two-dimensional regular arrays of
hexagonal grains to increase the diffusion flow rate in and around the
grains by a factor of 2 approximately in the first case [20], and to
increase the shear stress along the grain boundaries by a factor of 2 in
the second case [22]. If the grain boundaries are assumed in this
latter case to slide according to a linear viscous law e.g. by
diffusional accomodation around grain boundary obstacles [19], the
diffusion creep strain rate in a polycrystal is expected to be about
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twice that of a homogeneously stressed body under the same overall
applied stress for both cases [20].
Grain boundary migration coupled to grain boundary sliding is often
necessary to preserve the coherency of a polycrystal undergoing
diffusion creep [23]. Diffusion creep is thus expected to be inhibited
if grain boundary sliding or grain boundary migration are impeded.
1.2.2 Dislocation Creep
The stress sensitivity of the creep strain rate has been found to
increase, as the applied stress is increased to levels where dislocation
motion is possible [18]. In this regime of dislocation-creep, the
steady state creep strain rates are usually fitted to a power-law
function of the applied stress:
n
S = B ac (1-9)S c
where B is a material and temperature dependent constant. The value of
c
the exponent n has been experimentally found to be close to about 5 for
most BCC, FCC an HCP pure metals [181. Solid solutions are usually
classified into 1) "Class I" alloys for which the stress exponent nc
takes a value of approximately 3 and 2) "Class II" alloys for which the
stress exponent nc has a value close to 5 [18]. No definite trend can
be determined for precipitation hardened alloys, for which stress
exponents as low as 3, and as high as 30, have been measured [18].
Under most conditions, the activation energy of steady state
dislocation creep in pure metals and solid solution alloys has been
found to be similar to that of lattice self-diffusion [18]. The
constitutive equation for steady state dislocation creep in pure metals
and solid solution alloy is thus often given as [18]:
s A D ijb/kT (a/u)nc (I-10)
where A = a material constant
u = the material's elastic shear modulus
b = Burger's vector.
Diffusion plays thus an important role in dislocation creep. This is in
agreement with the fact that dislocation creep deformation can take
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place by dislocation climb controlled mainly by lattice self-diffusion
as well as by dislocation glide. Morever, it has been found that the
material constant "A" in equation (I-10) for FCC and HCP pure metals and
Class II alloys could be written as [24,25].
A = A'(YSF 3 ()-3.5
where YSF the stacking fault energy.
As expected, the steady state dislocation creep strain rates are low in
low stacking fault energy materials (i.e. FCC and HCP), in which the
partial dislocations are widely spaced which hinders dislocations climb
by volume difusion [25].
Stable and homogeneous dislocation cell structures develop in the
grains during steady state dislocation creep [24,26]. The subgrain size
has been found to depend primarily on the applied stress, and not on the
grain size [24,26].
The transgranular deformation during dislocation creep in Class I
solid solution alloys is controlled by the glide of mobile dislocations
with a viscous drag exerted by solute atom atmospheres [18]. The creep
strain rates are then limited by the diffusion rate of the solute atoms
accompanying moving dislocations. The strain rate for this "glide
controlled" dislocation creep mechanism have been shown to be given by
[18,26]
s = A Diyb/kT (a/u1) 3  (1-12)
where D = the chemical interdiffusion coefficient
of the alloy.
In pure metals and Class II solid solution alloys, the dislocation
creep deformation is due both to dislocation climb and to dislocation
glide [18]. Although the dislocation glide contributes significantly to
the strain, the resulting creep strain rates are controlled by
dislocation climb [18]. At creep temperatures, dislocation climb can
proceed independently by volume diffusion or by dislocation core
diffusion [18]. The constitutive equation which describes the strain
rates for the steady state "climb-controlled" dislocation creep is given
by [18]:
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D = A B pb/kT (a/1)3 (1-13)
s eff
where D eff= an effective vacancy volume diffusion
coefficient, defined by [18].
D = D[1+2.5(a/y) 2 D /D] (1-14)
eff c
where D = the vacancy dislocation core diffusion coefficient.c
D = the vacancy volume diffusion coefficient.
The stress sensitivity of the dislocation creep deformation rate of
the grains is usually higher than that of the grain boundary sliding
rate [20, 22]. At sufficiently high applied stress and strain rate,
grain boundary sliding is thus negligible compared to the very rapid
grain deformation rate. Almost no grain boundary relaxation takes place
then, and both the stress and the deformation distributions remain close
to being uniform [20,22]. In this high strain rate limit, the steady
state dislocation creep strain rates of a polycrystal are thus equal to
that of the individual grains (Equation 1-9). On the other hand, the
grain boundaries slide almost freely for sufficiently low applied stress
and strain rate. The grain boundaries are fully relaxed in this case,
and the stress and deformation distributions become extemely non-
uniform. In this low strain rate limit, this results in an enhancement
of the overall steady state dislocation creep strain rate, and several
models have been proposed to account for that [20,22].
1.2.3. Power-law Breakdown
At the very high stress levels. (i.e. a/p > 10-3-10-2), the steady
state creep strain rates have often been observed to be much larger than
those predicted by extrapolating the power-law dislocation creep strain
rates [18]. Several dislocation creep models were proposed to account-
for the enhancement of the creep strain rates at high stress levels
[18]. Since it has been shown that it is very difficult to determine
which model fits the experimental data best, only a semi-empirical power
law equation (1-9) at low stresses is given here [18]:
A Db [sinh(aa/i)]nc (1-15)
s kT
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where $ and A are material constants. This constitutive equation is yet
to be considered as an approximation only since the activation energy
for dislocation creep in this high stress regime is usually larger than
that of volume diffusion [18].
1.2.4. Deformation mechanism Maps
Deformation mechanism maps, where fields of dominance of given
deformation mechanisms are drawn as a function of the temperature and
the applied stress are now available for many pure metals and alloys
[18]. On these deformation maps, fields for the high temperature
deformation mechanisms, which have been reviewed in the present chapter,
are shown along with fields for low temperature deformation mechanisms
(Figure 1-2).
Deformation mechanism maps allow a considerable range of
information to be presented in a compact, highly visual form. It must
however, be emphasized that the accuracy of a map is only as good as the
experimental data, and/or, the theoretical equations employed for
construction. Also, maps represent only "steady state" creep.
Moreover, it should be recognized that the "steady-state", if present at
all, usually accounts for a relatively small portion of the full creep
curve.
1.3. Phenomenology of Creep Fracture
At temperatures relevant to operation of high temperature
components and structures, fracture can take place in a ductile
transgranular or intergranular manner, or as a result of the formation
of intergranular wedge cracks or cavitation. Further, at high
temperatures and rapid strain rates, dynamic recrystallization can allow
materials to deform and finally fail by necking down to virtually zero
cross-section [27] (See Figure 1-3).
Ashby, Gandhi and Taplin [27] have catalogued the
phenomenologically different types of fracture in a number of important
engineering alloys in the creep range. The information is presented
typically into complementary forms as shown in Figures (1-4) and (1-5)
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BROAD CLASSES OF FRACTURE MECHANISM
DUCTILE
Figure 1-3. The simplest classification of fracture mechanisms.
The upper row refers to low temperatures where
plastic flow does not depend strongly on temperature
or time; the lower row refers to the high temperature
range.
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for the case of IN-X750. In Figure (1-4) the isochronal fracture data
is presented 4n the field of the normalized tensile stress and
homologous temperature conditions under which the tests were conducted.
The strains to fracture in each case are indicated by the number next
to the data point. This form of presentation, when taken together with
the corresponding deformation mechanism map, for the same material,
relates the fracture information to the deformation process that has
preceded it. The fields outlined by the tie-contours characterize the
regions in which one of the specific phenomenologically different forms
of fracture depicted in Fig. (1-3) dominates. Figure (1-5) shows the
information in terms of isothermal contours on a field of normalized
tensile stress and time to fracture, familiar to the design engineer.
As the figure demonstrates clearly, the type of fracture in a typical
commercial alloy such as IN-X750 at high stress and high strain rates,
leading to short times to fracture, is transgranular and occurs by
micro-void coalescence, with features almost identical to those in
ductile fracture at low temperature. As the stress is decreased to
increase the fracture time, fracture becomes intergranular and is
apparently dominated by wedge cracks leading to the accumulation of
grain facet fractures which then collectively lead to final fracture by
eventual interaction and linkage. At lower stresses leading to long
fracture times, typically encountered in service, the fracture is
dominated by the coalescence of individual grain-boundary cavities.
The transition of fracture from a transgranular form of micro-void
coalescence to intergranular cavitation is influenced more than anything
else, by grain boundary sliding [20,28]. At high strain rates where
grain-boundaries are unrelaxed and the stress distribution is uniform,
the deformation of the polycrystal approximates that of a continuum and
only non-deformable particles perturb the deformation, regardless of
their location (see Section 1.2.2.). If the resulting interface
tractions are high enough, or the particle strength itself is reached,
cavities form and grow by power law creep to coalescence [29,30] and
eventual transgranular fracture. At lower stresses the tractions on
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b)
matrix particles becomes insufficient to cavitate their interfaces, but
much larger stress concentrations begin to arise at particles along
sliding as boundaries the shear tractions on the boundary between such
particles are relaxed. This results in the nucleation of grain boundary
cavities, which grow under the local prevailing normal boundary
tractions.
Although the most common types of creep fracture can be
phenomenologically categorized in three major groups, as it was shown in
Fig. (1-3), there is a big variety of micromechanisms that are
responsible for this process, which we briefly review in the next
section.
1.4. Mechanisms of Creep Fracture
Creep fracture is the end result of accumulation of creep damage.
Creep damage is a term which has been employed to describe the material
degradation which gives rise to the acceleration of creep rates, known
as tertiary creep, and eventually leads to creep fracture. Metal
science can distinguish between those internal damage processes that
"soften" the material and thus, cause the creep rate to increase and
thereby indirectly induce failure, and those that are directly
responsible for the actual fracture of the material.
Ashby and Dyson [31] distinguish four broad categories of creep-
damage while recognising that each may contain more than one mechanism
Fig. (1-6). Any one mechanism operating alone can cause final fracture
or rupture. More usually, fracture is the result of the opertion of two
or more mechanisms, sometimes operating sequentially, sometimes
simultaneously. The categories of creep damage according to Ashby and
Dyson [31] are the following:
Damage by Loss of External Section
Deformation at constant volume causes a shape change. During creep
under a constant tensile load, the section decreases, stress slowly
increases and the creep rate accelerates (Figs (I-6a) and (I-6b)). In
the absence of other damage mechanisms, failure occurs when the material
necks to a point. Usually, other damage mechanisms (discussed below)
-38-
intervene and lead to failure at a finite reduction in area; but at very
high temperatures (T>0.8Tm) pure metals and solid solution alloys often
rupture by this mechanism alone.
Damage by Loss of Internal Section
(a) Formation of holes at grain boundaries. The mechanism
most widely studied experimentally and modelled theoretically is hole
formation, or cavitation, either within the grains (Fig (I-6c)) or at
the grain boundaries (Fig (I-6d)). Most commonly, the holes appear on
boundaries which lie roughly perpendicular to the maximum principal
tensile stress direction. Their presence reduces the section and so
accelerates the creep and this, in-turn, increases the rate at which the
damage grows. At low stresses the damage is void-like; at high, the
voids may link to give grain-boundary cracks (Fig. (I-6d)). Many pure
metals and industrial alloys can fracture by this mechanism alone,
though it is more usual for other mechanisms to contribute also.
(b) Growth of single dominant cracks. An industrial component
has a spatially-inhomogeneous stress distribution which may result in
the formation of discrete crack, which then generates an even smaller
zone of damage around its tip (Fig. (I-6e)).
Damage by Degradation of the Microstructure
(a) Thermal coarsening of particles. Many alloys in service
under load at high temperatures are deliberately strengthened by second-
phase particles: y' in superalloys, intermetallics in aluminum alloy,
carbides in ferritic and austenitic steels. During creep, those coarsen
or are replaced gradually by more stable particles; both forms of aging
can accelerate creep (Fig. (I-6f)), and eventually cause fracture.
(b) Substructure induced acceleration of creep. Although
particle-coarsening can account for some observations of tertiary creep
without loss of section, it is unable to explain data for a large family
of nickel-based superalloys [8]. Here an acceleration of creep is
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associated with the way in which dislocations accumulate during creep.
This is the least well understood mechanism of tertiary creep.
Damage by Gaseous-Environmental Attack
(a) Damage by internal oxidation. Exposure to aggressive
gases before or during creep often accelerates creep and reduces the
life. If a component is heated in an oxidizing atmosphere for example,
oxygen penetrates the metal. The inward-diffusing oxygen reacts with
impurities to give a zone of internal oxidation (Fig. (I-6i)). In this
zone, gas bubbles (C02, H20) may form on grain boundaries; or
precipitated solid oxide may act as nuclei for voids. Both the bubbles
and the voids degrade the strength within the zone.
(b) Damage by failure of external oxide. Creep can disrupt an
otherwise-protective surface film, by straining it until it fractures.
(Fig. (I-6)j). If it does, environmental attack restarts at cracks or
spalls, which may also act as sources for internal oxidation.
For each mechanism described above, a pair of differential
equations is derived, which describes the creep and fracture behavior of
the material, if that mechanism operates alone throughout the life. One
equation describes the rate at which damage accumulates, and an
associated equation for the rate at which the material creeps [311.
Since the intergranular mode of fracture due to cavitation and
internal cracking is the most dominant in service conditions we will
concentrate our attention on this mechanism of fracture, while
recognizing the fact that other mechanisms may become critical for
particular materials and service conditions.
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II. INTERGRANULAR CREEP FRACTURE
Metals and alloys with high ductilties at room temperature have
been observed to fail with a very limited ductility under creep
condition (T>0.3Tm) for low applied stresses. This ductility reduction
has been found to be related to the fact that premature brittle
intergranular fracture becomes predominant as the temperature is
increased and the strain rate decreased. The internal damage ultimately
responsible for interganular creep fracture starts as individual grain
boundary cavities. The cavities multiply and grow to form cracks on
individual grain surfaces (single grain facet cracks) (Fig. (II-1)).
From a predictive point of view we need to determine which of the two
stages, formation of single grain facet cracks by individual cavity
nucleation and growth or formation of a critical multiple grain facet
crack is life limiting. This problem will be addressed in the next
chapter. In either cases, we need to develop constitutive equations
that describe the kinetics of the materials' deterioration process and
establish relationships with measurable macroscopic quantites that can
be used to predict the rupture behavior of alloys.
In the development of constitutive equations two approaches have
been used. The first, is the approach of the material scientist which
concentrated directly on the nature and the mechanisms of creep damage.
The second is the phenomenological approach of Continuous Damage
Mechanics in which creep damage is treated as a scalar quantity, with no
particular reference to the specific nature of damage.
II.1 The Micromechanistic Approach
Integranular creep fracture is generally associated with the
formation of wedge cracks at the grain boundary triple points or with
the nucleation, growth and eventual coalescence of grain boundary -
cavities. During long term creep exposure, intergranular failures are
normally associated with cavitation. A comprehensive understanding of
creep fracture thus requires, the investigation of the mechanisms of
cavity nucleation and growth.
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Figure II-1. A schematic illustration of the development of creep fracture.
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II.1.1 Cavity Nucleation
The nucleation of grain boundary cavities is due to the
agglomeration of vacancies on boundaries in which large normal stresses
are present. This problem has been examined as a classical nucleation
process (Fig. (11-2)) and a rate equation describing the nucleation rate
has been proposed (28,33,34,35):
p = p exp(-AG /kT) (II-1)
p =(2lr D 6/Q4/ 3)exp(a n/kT) (II-1.a)
r =2a 2X /a (II-1.b)
* s n
G= 4/3 a 2X /a2 F (a) (II-1.c)
s n v
where a = cos- 1(X /2X )
freB s
WG= free energy of critical nucleus
*
r = radius of critical nucleus
Db= grain boundary diffusivity
6 = grain boundary thickness
Q = atomic volume
a = local normal stress
n
X sX = surface and boundary free energy respectively
F (a) shape factor .
v
Argon et al [35] have shown that the nucleation rate drops significantly
even at high temperature, when (a /E) is less than 5 x10- 3. Since the
n
applied stresses are much below this value, it is necessary to conclude
that nucleation of cavities is the results of stress concentration
along the grain boundaries. That this must be so, was established by
Grant and co-workers [36,37] who have demonstrated experimentally that
cavity or crack formation along grain boundaries in creeping alloys
requires both the presence of grain-boundary particles and grain
boundary sliding. Argon et al [28,35] have obtained solutions for the
stress concentrations that arise from grain boundary sliding at: (I)
hard g.b particles giving rise to round grain-boundary cavities; and
(II) triple points giving rise to wedge cracks. The stress
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Figure 11-2. Nucleation of a cavity on a stressed
interface.
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Figure 11-3. The distribution of stress on a grain
boundary outside the cavity.
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Figure II-4. Inhomogeneous cavitation of a boundary
surrounded by non-cavitating boundaries
leading to load shedding and constrained
growth.
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concentration in the latter was found to be milder and rather steady
with time. Stress concentration factor as high as 20-30 can arise at
hard grain boundary particles as grain boundary begins. This is only a
transient phenomenon, since such high stresses will be relaxed by
diffusive flow or power law creep, depending on the particle size (p)
and the critical diffusion length (A). Thus, if the size p of the grain
boundary particles is smaller than A, the stress concentration that
might arise or particle interfaces can be eliminated quite effectively
by diffusional flow [35]. Where p>>A, then the incompatibilites pressed
onto the particles by the sliding boundary can only be counteracted by
creep flow around the particles. In this way, cavity nucleation at
particles is not assured with the presence of an initial high stress
concentration of short range. This, plus the recurring nature of grain
boundary sliding transients, explains why nucleation of cavities
continues throughout the creeping process, almost in parallel with the
creep strain [28]. In support of this argument, the cavity nucleation
rate in iron was found to change linearly with the creep strain rate
[38]. Furthermore, cavity density was linear to creep strain for small
strain in tension and tension creep tests in Nimonic80A [8].
I. 1.2 Cavity Growth
Cavities nucleated at the grain boundaries can increase in volume
and change in shape, by mechanisms which can be both unrelated or
related with the creep deformation mechanisms inside the grain. The
first attempt to model the growth of quasi-equilibrium, spherical-cap
shaped cavities in a bicrystal assumed that grain-boundary diffusion was
the driving force of the process [401. This model was later improved to
be more representative of polycrystalline materials [41]. One of the
limitation of these models lies on the fact that only the growth of
quasi-equilibrium shaped cavities was considered. This problem was
addressed by Chuang et al. [42,43], who investigated the entire range of
cavity growth by diffusional flow ranging from the quasi-equilibrium
spherical-caps shape to non-equlibrium shapes resembling crack like
cavities.
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The above developments assumed that expansion of the cavity by
diffusion occurs in a "rigid" background. This assumption is valid only
for low stress levels and/or small cavity size. When stresses become
large and/or cavities grow to large sizes, their growth must be
influenced by the creep deformation of the surrounding matrix [39,44].
A characteristic diffusion length A, depending on temperature and
stress, now represents the coupling between diffusive flow and power-low
creep. For large A, growth rates are comparable to those given by [40].
For smaller A, matrix creep deformation accommodates the plating of
matter along the cavity periphery reducing the diffusion length and
increasing growth rates. The above consideration have been included in
a very useful approximate treatment of diffusional cavity growth by Chen
and Argon [45]. The volumetric growth rate, dv/dt, of the cavity is
governed by the net flow of matter across the cavity tip (see Figure
(11-3)) giving,
dv/dt = 4 naQJs-tip (11-2)
where the tip flux, J s-tip, is given as a function of the rate of
advance (da/dt) of the tip, for the two limiting models of quasi-
equilibrium (spherical-caps) and the non-equilibrium (crack-like) growth
modes: [28,45]
J . = h(t)/Q a da/dt (quasi-equilibrium) (II-2.a)
s-tip
i = 2sin($/2)(D 6 X /kT)(kT(da/dt)/D 6 X Q)(crack-like) (II-2.b)
s-tip s s s s s s
where D = surface diffusivity
S
6 = effective diffusion path width on surface
h(*) = [1/(1+cos$)-(cos*)/2]sin$
When cavities grow on only some boundaries, the thickening of these
boundaries would not, in general, make the polyhedral grain fit together
campatibly (see Fig. (11-4)) [46,47]. Thus, additional grain
deformation are necessary to satisfy compatibility between grains. The
thickening of the boundary due to the expanision of cavities acts as an
extra sheet of material that produces some unloading over the cavitating
grain-boundary and overloading in the immediate vicinity. This problem
has been analysed by Rice [48], who determined the cavity growth rate,
-47-
constrained by the surrounding creeping medium as
(Db 'b Q/kT)
da/dt = 1/a2h(P) (II-3)
[Db b Qa/kT)(4/casb 2 d)+Q(a/b)]
where d = grain facet diameter
a = numerical constant
Q(a/b) = Zn(b/a)+(a/b) 2(1-1/4(a/b) 2)-3/4
When the matrix strain rate is small, the load shedding relaxation is
strong, and consequently matrix deformation affects the growth rate
considerably. At large strain rates little or no load shedding occurs.
We next examine how these developments can be utilized to predict
the rupture life.
1I. 1.3 Time to Fracture by Intergranular Cavitation
In commercial alloys intergranular creep fracture involves both a
continued nucleation of cavities by combined diffusional flow and power
law matrix creep. Following the general formulation suggested by Raj
and Ashby [33], the total area of voids A(t) time, t is given by:
T=t t=t
A(t) = f p(rT)dT f f g(t,T)dt (11-4)
T=0 t=t
where p(t) = cavity nucleation rate at time T
g(t,T) = rate of increase of cross-sectional
area at time t, of voids-formed at time T.
It is unlikely that the- integral can be calculated in closed form except
for simple loading histories or simple growth laws. Although, it is
possible to introduce the total area of the voids, as a single state
variable and thereby determine a suitable growth equation
t
dA/dt = f p(T)g(t,t)dt (11-5)
0
By assuming the nucleation rate is proportional to strain rate [38] and
constrained cavity growth (Eq. 11-3), the damage growth equation is
[28]:
(A)1/2(dA/dt) = ad(ir8) 1/12( )3/2/2h($) t1 /2  (11-6)f fe
for fully constrained growth at small strain rates, and
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dA/dt = 2K(a/b)/h(*P)(Db6baa/kT)(rSe,)3/2t3/2 (11-7)
for unconstrained growth at large strain rates
*
where A = (a/b)2 : area fraction for boundaries that is
cavitated
b = (iSE t)-1/ 2 : due to continuous nucleation
K(a/b) = (b/a)[Q(a/b)]~ 1
*
Integration of the damage growth rate in Eqs (11-6) and (II-7)from A=0
*
to AA crit, when frature occurs, gives,
t = A /e (2h($)/ara) 1/2d)2 /3 (11-8)
f cri~t e
for fully constrained growth at small strain rates, andfo fully/ co/stma/A 2/5
tf = [5h($)A kT/4KD o()3/2]2/5(,m - )3/5[e/a a2fcrit Kb b o o e 1
(11-9)
for unconstrained growth at larger strain rates.
where e /s = (a /a )m - power law creep
a = a1 - maximum principal tensile stress.
Equation (11-8) for small strain rates should apply under service
conditions and is exactly the idealized form of the Monkman-Grant [49]
relation. Futher, creep rapture data on 2 1/4% Cr 1 % Mo steel [50]
showed that the time to frature varied with respect to the equivalent
stress (a ) and maximum principal tensitive stress (a1 ) according to
equation (11-9). For uniaxial creep tests equation (11-9) can be
rewritten in the following way:
5h()A .rit kT/4KD b6 b(T) 3 / 2 ] 2 /5(; 1/m/0 )2 1/i(n )2+3m/5m
(II-9.a)
which is the Monkman-Grant relationship, although the strain rate
exponent of (2 + 3m)/5m is considerably smaller than the average Monkman
Grant exponent of 0.85.
In engineering pratice the most common way of predicting creep life
from short time rupture test is via plots of stress versus the Larson-
Miller parameter [51], which is a time-temperature parameter. Cocks and
Ashby [52] have recommended and analogous technique based on the
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micromechanistic description of the growth of cavities under combined
power law creep and diffusional flow. But as it was pointed out by
Argon [28], no allowance has been made for continued cavity nucleation
nor for constraint effects resulting from load shedding.
11.2 The Continuous Damage Mechanics Approach
Creep-damage mechanics has developed as the continuum mechanical
approach to the analysis of creep fracture. The increased strain rate,
observed during the tertiary stage creep, which eventually ends to
frature, has led to the concept of damaged accumulation. The primary
and secondary creep strain rates can be expressed in terms of the
applied stress alone under both uniaxial and multiaxial stress
condition, as it was discussed in Section I.1.1. and I. 1.2. In order to
account for the ihcrease in strain rate during a constant stress test it
is necessary to introduce a new variable into the strain equation.
Since the increase in strain rate is the result of damage process, the
variable w introduced, is referred to as the damaged state variable. If
we neglet the primary stage creep then the strain rate equation takes
the form [53,54];
de/dt = f(aw) (II-10)
To define the strain rate, it is necessary that the value of w as well
as the stress a be known, and consequently an equation must be
introduced which defines the growth of the damage state variable.
Assuming that the damage rate depends both on the current states of
stress and damage the following equation has been suggested [53,54]:
dw/dt = g(a,w) (II-11)
We examine the forms of these rate equations under uniaxial and
multiaxial conditions in the following section.
II. 2.1 Uniaxial Damage Rate Equation
Kachanov [55,56] first proposed a theory of brittle rupture by
introducing the damage parameter w, as a measure of the amount of
damage in the material. Kachanov [57,58] later generalized these
concepts to make predictions of creep strain as well as rupture times,
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assuming that primary creep is negligible. For uniaxial stress tests,
the growth laws are assumed to have the simple form
e/e= (0 /) n (11-12)
o/0 ay0 )V/(1-W) x (11-13)
It is assumed that w=O when the material is in its undamaged state and
w=1 at rupture. In the equations 0 ,a ,wn,v and x are constants.
Equations (11-12) and (11-13) can be easily intergrated for
constants stress condition to give the variation of strain and damage
with time.
F = C m[1-(1-t/tR )/ 1 (11-14)
w = 1-(1-t/tR )1/x+1 (11-15)
tR= 1/(x+1)0 (aa 0)V (11-16)
C = 0 (a/a )/(x+1-n) (11-17)
X = (x+1)/(x+1-n) (11-18)
The quantities given by the last three equations are also described in
Figure (11-5). The parameter Cm is equivalent to the product of minimum
creep rate (;m) and the rupture life (tf ), ie: Cm=m R. Then from
equations (11-16) and (11-17):
C = ; /(x+1)0 (a/a )n-v (11-19)
m o o 0
If the rate of damage accumulation is strain controlled ie: w = w( 0w),
then we expect v=n [59], which implies that Cm = /(x+1)00. Thus, Cm
becomes a constant and consequently eq. (11-17) is reduced to the
Monkman-Grant relationship [49]. It can be seen from eq. (11-14), that,
X=SR/C m, where eR is the rupture strain. The parameter, X is called the
creep damage tolerance, and measures the tolerance of the material to
strain concentrations.
Given a knowledge of X and Cm, equation (11-14) can predict the
shape of the strain/time curve. Penny [60] has shown that equation (II-
14) can well represent the strain/time data for Al alloys (Figure (II-
6)). The creep curves of uniaxial tests performed on commercially pure
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0.05
0
copper and an aluminum alloy, were also well predicted (Fig.II-7) [611.
The same equation was shown to represent well the creep curves of
uniaxial tests performed on 1/2 CrM V pipe steel (Fig. II-8),[62] and on
IN-100 (Fig.(II-9)) [65,66], where in the latter case the rupture times
were predicted as well.
The Continuum Damage theory, described in this section, was further
generalized for multiaxial stress conditions. Theories have been
developed, some which treat the damage parameter as a tensor [65,66] and
others as a scalar [63]. The latter has been shown to be a good
approximation only for proportional loading condition. In the next
section we present one formulation of the Continuum Damage theory for
multiaxial stress condition which assumes the damage parameter is a
scalar. This formulation was chosen as suitable for engineering
applications.
II.2.2 Multiaxial Damage Rate Equations
The generalization of equation (11-12) and (11-13) for multiaxial
stress has been achieved by making the assumption that the influence of
continuum damage on the deformation rates is scalar in character [631.
Equation (11-12) can then be written as
;../; = 3/2(a /a )n-1S../(1-w)n (II-20)13 o e o 13
where S .= a .-6.a /3: (deviatoric stress)
i3 i3 i3 kk
Equation (11-20) has been verified by Leckie and Hayhurst. [63] using
the results of Johnson et al [64] from tension torsion creep
experiments. Incorporation of the effect of multi-axial state of stress
on the rate of damage accumulation is achieved by introducing the
homogeneous stress function A(a /a 0) as follows [53,63]:
w/w = A (a. ./a )/(1-w)x (II-21)
0 13 0
where A(a. /a) = (aai/a0+Sa/a+YJ1/a0)
a+6+Y=1
J =a 1+a2+a3
The value of a, a and y may be found by conducting, in addition to
uniaxial stress tests, equal biaxial stress and torsion tests. For most
materials Y=0 [531 and therefore equation (11-21) can take the following
approximate form:
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W/0=(aci/a+(1-a)aao) /( 1-w) (I-22)
Equation (11-20) and (11-22) can now be integrated, as in the uniaxial
case, to give the variation of strain and damage with respect to time:
E =XM C M[1--t/tM /XM (11-23)
e m R
w = 1-(1-t/tl)1/x+1 (11-24)
where tM -
2
R = 1/(x+1)w (a o) (II-25)
CM -o (a/ a nt R (11-26)
m o e o R
X = (x+1)/(x+1-n) (11-27)
aR = aa1+(1-a)a (11-28)
The stress denoted as a R, is the respresentative rupture which
controlls damage accumulation and eventually rupture in a multi-axial
creep test. Among the earliest tests that indicated the importance of
difference stress components in bi-axial creep tests were those of
Johnson et al [64]. They showed that the rupture life of an aluminum
alloy was defined by the value of the equivalent stress. The rupture
life of copper, however, appeared to be governed by a maximum stress
criterion. These two criteria, which are illustrated in Fig. (II-10),
appear to represent the extremes of material behaviour since the
isochronous surface for many metals lies somewhere between the effective
stress and maximum stress criteria. It was further reported [64], that
at steady state conditions, the equivalent strain rate is dependent on
the value of the equivalent stress and that the components of strain
rates are proportional to the stress deviator (see eq. (11-20) for w=o)
When the material entered the tertiary region, the creep rates
increased, and it was noted that the increase in strain rate was
dependent on the equivalent stress in the case of aluminum and the
maximum stress in copper. They expressed this experimental result by
suggesting that the stress function responsible for the increase in
strain rate is identical to that defining the isochronous rupture
surface.
In similar set of experiments Cane [62], showed that equation (II-
23) can well represent the equivalent stain/time data in tension and
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torsion creep tests performed on 21/4CrlMo steel (Fig.(II-11).
Measurements of creep strain in the tertiary region under triaxial
state is not readily found in the literature, which makes it very
difficult to test the generalized continuum damage theory for triaxial
state of stress. The need for creep data under triaxial state of stress
has aleady been emphasized (9].
11.3 The Comparison of the Two Approaches
The great strength of the Continuum damage theory is its
generality. Further, the proposed constitutive relations provide a
clear relationship with macroscopic quantities such as stress, strain
and state of stress which is convenient for engineering applications.
Yet, there is not one but several mechanisms that potentially can
contribute to damage accumulation. The material scientist studing creep
is disturbed by the vague description of damage. His unease is
reinforced by recent attempts to model growth of cavities and cracks
during creep which can lead to equations that do not appear to resemble
those of the continuum treatment.
On the other hand, micromechanistic models describing the
development of creep damage are usually based on idealized structures of
single or two phase solids, assuming regular distribution of particles
and the use of classical concepts for grain boundary structures,
diffusion, nucleation and growth. As a result, another approach, which
uses experimentally observed relationships between incidence of cavities
or cracks and creep parameters, has been adopted in order to quantify
damage accumulation under complex stress conditions in engineering
alloys [8,67-73]. The results of some of these experimental studies were
used by Leckie and Hayhurst [53,53] in an attempt to establish relations
between the continuum damage theory and the materials science approach.
The results of comparison with equations developed for copper [73] and
Ninonic 80A [8] are examined now.
The equations for damage evolution and creep deformation in Cu at
500*C under multiaxial stress were found to be [53,54,73].
d(n/n )/dt = (j,/j )2 d( /e )/dt (11-29)0 1o e o
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d(V/V0)/dt = (ao/a0)/t0 (11-30)
d(e /e )/dt = (a /a ) 5/t (11-31)
where a rupture time t corresponds to cavity density n with average
cavity volume V under uniaxial applied stress a . According to these
equations, the nucleation rate is proportional to the strain rate and to
the square of the maximum principal stress. The cavity volume is found
to be proportional to the maximum principal stress, which suggests a
diffusion controlled cavity growth mechanism (see section II. 1-2).
Finally, no effect of the damage on the creep strain rate was taken into
account. Fracture was determined to occur for a critical area fraction
of cavities in the grain boundaries. A damage parameter can be defined
as [53,541:
w = nV2/3/n V 2/3 (11-32)
By using eqs (11-29) - (11-32) and intergrating w from t=0 and w=0 to
t=t and w=1, the isochronous surface can be shown to be given by:
A(a ./a ) = (a /a 0)8/23(a /a o)15/23 (11-33)
ij o 1 o''e o
This surface which lies between the maximum pricipal stress and the
effective stress criteria is shown in Figure (11-12) (denoted by
Greenwood). The damage accumulation rate can then be calculated:
dw/dt = 5/3t A(a. ./a )23 /5w2/ 5  (11-34)
o ij o
which is very similar to the Continuum Damage equation [53,54] given
by:
dw/dt = 2/3t A(a. .a0 )23/5 2/5 (11-35)
o ij o w
For Nimonic 80A at 760*C the constitutive equations were determined
to be [8,53,54]:
d(s /E )/dt = 3(a /a )4V/V )4/9/t (11-36)
e o e o 0 0
d(n/n )/dt = 1/2(aoa )2(c /e )1/2 d(e /e )/dt (11-37)
d(V/V )/dt = (a /a ) d(e /s )/dt (11-38)
o 1 e e o
In this case, the creep strain rates were found to be modified by the
creep damage. The fracture criterion was determined to be:
nV/n V = a/a (11-39)
which implies that the greater maximum applies stress the smaller the
total volume of cavities at fracture. The isochronous surface, shown in
-61-
figure (11-12) (denoted by D/McL) is given by [53,54]:
A(a /a ) = (a 1.8 2.2/a 4)1/4 (11-40)
by defining the damage parameter as
w = nV/n V (11-41)
the constitutive equations (11-36) - (11-38) can be shown to reduce to:
d(e /e )/d t = 3/t (a /0 )4w4/ 9  (11-42)
e o o e o
dw/dt = 9/2t L(a. .a )4w7/9  (11-43)
o :j o
Finally, these equations have been found to be almost equivalent to the
continuum damage equations given by [53,54]
d(e /s )/dt = [a /a (1-w)]4 (11-44)
e o e o
dw/dt = A(a /a0 )4/(1-w)4 (11-45)
These examples illustrate the approximate equivalence between the
continuum damage mechanics and the micromechanistic treatment of creep
fracture. In two particular instances [31,52], there has been an attempt
to directly compare the two approaches and thus examine their
simularities and differences. A pair of differential equations, one for
the rate of damage accumulation and as associated equation for the rate
at which the material creeps, were derived for each potential damage
mechanism (31]. The general conclusion of the comparison was that at
large values of the damage parameter, the two models yield almost the
same result, while at small values of the damage parameter, they diverge
significantly. We shall point out that despite the resemblance of the
rate equations used in either approaches, there is a conceptual
difference among them. In the continuum damage approach, the strain
rate equation is coupled but independent of the damage accumulation rate
equation. On the contrary, in the micromechanistic approach, the two
rates equations for the particular cases of damage by cavitation, are
directly related, and one could be derived from the other through the
assumption that creep deformation is only due to cavitation. This is in
a way equivalent to assuming that tertiary stage creep occupies the
whole creep curve and that creep deformation during this stage is only
due to cavitation.
Undoubtly, it has been recognized that a synthesis of both
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approaches is required, in order to achieve a better understanding of
the creep fracture process and formulate useful predictive schemes for
engineering design [28,31,52,74]. Such type of approach has already been
put to practice in determining residual creep life by quantifying the
state of creep damage of a material in service. These developments are
discussed in the next section.
11.4 Creep Damage and the Remaining Life Concept
In addition to the primary life analysis, many situations demand a
periodic appraisal of the remaining life. This requires an assessment
of some change in microstructure, or in physical or mechanical
properties, which occur systematically with high temperature creep
deformation. Such changes are considered generally as creep damage.
Thus the major problems here are the selection of an appropriate creep
damage parameter, the development of means to measure the state of
damage and finally, schemes that will provide an estimation of the
remaining life from creep damage measurements. Existing procedures
differ, depending upon the type of creep damage, the material and
structure under consideration, and in most cases are somewhat empirical
[75,76,77]. Recently there have been attempts to bring the various
ideas and results within a common framework so future work may evolve
from a more scientific base (77]. Here, we illustrate the situation
where cavitation kinetics can be used to monitor the remaining life and
we also describe a methodology, which incorporates both the materials
science studies and the coninuum damage theory, that can be used to
achieve this goal.
Dyson and McLean [78] recommended a "new method" of predicting
creep life, based on cavitation studies on Nimonic 80A. In this
material, as in several alloys, the plot of cavity density against
strain is linear for a range of stresses, taken over approximately the
first 75% of creep life [Fig. (11-13)]. The same workers also found that
cavity density data at all stresses could be rationalized within a
reasonable scatter band onto one curve if the cavity density was plotted
against time/time to fracture. [Fig. (11-14)]. Thus measurement of the
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cavity density on section from a component could be used to obtain an
estimate of the life fraction expired within reasonable confidence
limits. This type of correlation was observed in uniaxlal creep
experiments. Consequently, extrapolation to more complex structures
will require investigation of the effects of state of stress and stress
gradients on the evolution of damage. Nevertheless, there have been
attempts to develop remaining life prediction schemes based on non-
destructive metallographic methods involving replicas, which readily
allow monitoring of the evolution of damage in service (79,80].
Another method, using a strain controlled damage parameter model,
has been also recommended for estimating remaining creep life [62,81].
The basis of this model is that of the continuum damage theory, and is
described in the following equation:
1-t/t = (1-6/s ) RM (11-46)R R
The same equation can be differentiated to give the relationship between
t/tR and strain rate. In either cases the predicted value of t/tR for a
given strain or strain rate is a strong function of CM and relatively
insensitive to the rupture strain SR. The value of CM can usually be
obtained from available data. Therefore, measurements of strain or
strain rates on the plant, or in post exposure tests can be used to
estimate remaining life.
So far, in our presentation we dealt mainly with situations of
uniform stress distributions on the macroscopic scale. We examine the
creep rupture procress in notched bars in he next chapter.
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III. CREEP RUPTURE OF NOTCHED BARS
The majority of engineering structures contain features that give
rise to stress concentrations, which are often life limiting locations
in a component. As a result, requirements evaluating the capability of
a material to deform locally without cracking under multiaxial stress
conditions, thereby redistributing stresses, became part of design
codes.
The notch stress rupture test was implemented among the ASTM
procedures, as a qualitative tool in comparing the suitability of
materials for designs that will contain deliberate or accidental stress
concentrations [82]. The time to rupture, obtained from a notch stress
rupture test, is compared with the rupture time of a smooth specimen
tested at the same stress level, and a material is said to exhibit notch
strengthening or weakening when the notch rupture life is longer or
shorter respectively. This information is useful, when comparing the
notch sensitivity of various material or investigating the effects of
such factors as, specimen size and geometry, composition, heat
treatment, fabrication histrory etc.
Based on these guidelines, a considerable amount of experimental
data on the notch stress rupture behavior of materials has been obtained
[1,2,83-85]. A replot of some very comprehensive and systematically
acquired results is shown in Figure (III-1). The ratio of the 1000hrs
creep strength for notched and unnotched bars is plotted as a function
of the notch acuity, for four different alloys, with strains to fracture
ranging from 3.5% to 36%. If no fracture occured, the creep deformation
in the notch would produce a stress redistribution and creep constraint
that should increase the load carrying capacity of the notched bar over
the unnotched bar having the same neck radius. The effect can be
predicted according to Bridgman's [86] well known development and Figure
(III-1) shows that all four alloys follow this pattern initially with
increasing a/r. Increasing the notch acuity, at a fixed ratio of
shoulder area to neck area produces eventually general deformation in
the shoulder region. This limits the notch strengthening at PQ. On the
other hand below a stress ratio given by R.S., deformation accross the
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Figure III-1. A plot of the ratio of notched to unnotched
rupture strength against notch sharpness for
four different alloys.
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Figure 111-2. Circumferentially notched specimens with:
a)a round notch; and b) a British standard
notch
-66-
neck is no longer possible. The data in Figure (III-1) shows that the
most ductile alloy (D) maintains fully the plastic constraint over all
levels of notch accuity by successfully redistributing the stress before
creep fractue is completed. Alloys A, B and C, with less ductility, are
capable to redistribute the stress successfully for only small notch
acuity, which with increasing notch acuity creep fracture begins before
the nonuniform creep deformation can develop the creep constraint that
gives notch strengthening.
Fracture behavior such as that illustrated in Figure (ilI-1) is
quite general but has not been quantified. It has been said many times
that no one really understands the notch rupture test and therefore
experiments on notched bars are rather fruitless. Here two pertinent
questions should be asked; namely what is it we want to understand, and
why to we wish to understand it. Understanding might be concerned with
the fundamental relation betwen fracture in notched bars and smooth bar
behavior or it might be concerned with practical application of the
notch rupture test by metallurgists and designers. One should bear in
mind that creep rupture of notched bars is not considered to be a
phenomenon separate from that of the smooth specimen or of engineering
structures. At the outset, one may reason that a notch or other stress
raiser introduces nothing inherently new into the properties of an
alloy. Therefore understanding the notch rupture behavior of materials
is primarily related with improving our knowledge regarding the process
of creep fracture.
We discuss the recent developments in this area in the following
section.
III.l. Creep Crack Initiation
Most reported research on notch effects has attempted to relate the
stress level, notch geometry, and material properties to the time until
complete fracture. Although it has been long recognized that cracks
initiate in the vicinity of the notch root, sometimes quite early in the
life of the specimen, very few studies focused attention on the separate
events of crack initiation and propagation in a notched specimen. The
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lack of easy and accurate experimental techniques to detect crack
initiation has been the main reason for studying the notch effect in
terms of time to rupture. This approach could lead to very eroneous
results, especially when correlating the notch rupture behavior with the
smooth bar behavior.
In order to interpret creep rupture life of notched bars, it is
necessary to divide the total life in two stages; the time to crack
initiation and the crack propagation life. This approach is supported
by the physical idea that crack initiation is preceeded by a progressive
internal deterioration of the material which induces a loss of strength
in terms of ductility as well as in terms of remaining life. The final
state of this process corresponds generally to the macroscopic crack
initiation, that is the presence of a material discontinuity,
sufficiently large as regards the microscopic heterogeneities (grains,
subgrains...); in such case, the main macroscopic crack is assumed
through several grains, in order to show a sufficient macroscopic
homogeneity, in size, geometry and direction, leading to a possible
treatment through the Fracture Mechanics concepts. Creep deformation
and damage accumulation in notched bars have therefore, to be calculated
for the prediction of crack initiation time.
III.1.1. Stress/strain distributions
In an attempt to provide a better understanding of notch behavior
Taira and Ohtani 187] have used finite element analysis to calculate the
transient and stationary state creep-stress distributions in a
circumferential 60* V-notched bar. Only one notch geometry was
discussed and the creep strain behavior was assumed to follow, at all
times, the Norton steady state creep law based on the von Mises flow
criterion; primary and tertiary creep behavior being neglected.
Hayhurst et al. [88,89] have studied, by similar means, stress
redistribution in circumferentially notched bars and their results
confirm those of Taira and Ohtami but in addition, because they studied
a variety of geometries their work is much more comprehensive.
Emphasis was concentrated on two particular geometries, the
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semicircular and the British standard notch geometries, shown in
Fig. (111-2). These two geometries have widely different
characteristics, as indicated by the steady state stress distributions
shown in Fig. (111-3) [90]. The stationary stress distributions in the
semicircular notch are smooth and for high values of the stress exponent
in Norton's law (i.e. n>5) the equivalent stress remains reasonably
constant across the throat of the notch. The ratio of the axial stress
and the equivalent stress components and the degree of triaxiality are
also reasonably constant across the notch [88]. On the other hand, the
British standard notch attains full constraint only in a local sense by
the development of peaks in the stress distributions. In the region of
the peaks, considerable stress elevation takes place and a high degree
of triaxiality can be obtained.
The new advances in the stress analysis of notched bars provided a
quantitative basis for investigating the notch effect on the rupture
behavior of materials. The uniformity in stress distributions and
triaxiality of the semicircular notch geometry, has been extensively
used to study the creep deformation and rupture behavior of materials
under a triaxial state of stress [90-93]. The British standard notch
has all the features which are desirable for investigating how a
material redistributes locally high stresses under constraint.
111.1.2. Damage accumulation and stress redistribution
The stress distributions, presented in the previous section, were
obtained by using steady state creep deformation data. As it was
described in Chapter II for the smooth bar, creep damage accumulating
early in life results in acceleration in creep strain rates termed as
tertiary stage creep. Hayburst and Leckie [63] appear to be the first
in the creep field to incorporate in their analysis of creep rupture in
notched bars, the effect of increased strain rates which occur during
tertiary creep. Creep damage accumulation in notched bars causes a
significant stress redistribution across the notch, in addition to the
redistribution due to creep deformation, which affects considerably the
rupture life of the notched specimen. Calculations of the stress
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redistributions in a notched bar, due to creep damage accumulation
require:
(i) knowledge of the multiaxial stress rupture criterion satisfied
by the material
(ii) constitutive equations capable of describing the tertiary
stage creep strain rates as a function of the stage of damage
of the material.
Hayhurst et al [91-93] based on their stress calculations,
recommended that the semicircular notch geometry may also be used
together with uniaxial rupture data to obtain a measure of the
multiaxial stress rupture criterion of a material. The cavitation
studies in circularly notched bars of Nimonic 80A by Loveday and Dyson
[92] further support this recommendation. The cavitation damage
obtained in this work under conditions of triaxial tensile stressing,
were in qualitative agreement with the view expressed in previous work,
under biaxial stressing [8], that it is cavity nucleation rates which
are influenced most strongly by the state of stress and that cavity
growth rates are unaffected and depend only on a and therefore the rate
of deformation. A sample of their results is shown in Fig. (111-4),
where the distribution of damage, follows the change of the ratio of the
axial to the equivalent stress components across the notch.
Hayhurst et al [90,94,95] demonstrated the significant effect of
damage accumulation, and therefore of tertiary stage creep, on the
stress distrubition of axisymmetrically notched bars. Two sample
computations of the axial stress distribution in the circularly notched
bar and the bar with the British Standard notch are shown in Figures
(111-5) and 111-6) for 316 stainless steel. Figure (111-5) shows the
changes in the distribution of the axial stress across the circular
notch from a flat distribution (after a transient has eliminated the
initial elastic distribution) to the redistributions shown at about 14%
of the life when fracture begins at the outer periphery. Figure (111-6)
on the other hand, shows the corresponding case of the evolution of
fracture in the much more acute British standard notch. Here, the
initial stress distribution shows a prominent peak underneath the notch
root, typical
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of blunted notches. Fracture begins at the notch tip, quite early in
the creep life and then propagates across the section rapidly through a
material that too has nearly fully exhausted its creep ductility. These
developments of Hayhurst et al, discussed above, are dramatic
presentation of the nature of the creep fracture process where the
material locally comes apart when, through cavitation and associated
load shedding, the traction drops to zero.
Tvergaard [96] employed the same methodology to analyze the rupture
behavior of notched tensile bars, based on constitutive relations that
account for the nucleation and growth of grain boundary cavities at high
temperatures. Both diffusive cavity growth and growth by dislocation
creep of the surrounding grains was incorporated in the model, and in
some cases free grain boundary sliding was assumed. This type of
approach has been extensively used in modelling the growth of creep
crack which we discuss in the next section.
11.2. Creep Crack Growth
The extension of macroscopic cracks at elevated temperatures under
sustained load is generally called "creep crack growth". As in the case
of notches we discussed before the same mechanisms should apply in the
growth of creep cracks where however, the damage is focused more sharply
than in the notches. There are two important aspects to creep crack
growth: first, the time dependent deformation fields in the cracked
body, and second, the evolution of damage, often in the form of grain-
boundary cavities, near the crack tip.
111.2.2. Stress distribution at cracks
The stress distribution around cracks in creeping solids has been
derived using fracture mechanics concepts. Unfortunately, as we will
see below the loop has not yet been closed in modelling creep fracture
at cracks where all except two linear analyses [28] have concentrated in
the computation of the stress distribution in non-cavitating and non-
accelerating material and have not enquired about how this distribution
is altered by the damage that the distribution evokes. The developments
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in the computation of stresses around stationary cracks in creeping
alloys have been catalogued by Bassani [97]; for our purpose we will
present only a brief summary.
Riedel and Rice [98] and Riedel [99] have derived the asymptotic
stress singularity for a sharp crack in a model material exhibiting both
elasticity and power law creep [98], and additional primary creep
together with the former two responses. In Fig. (111-7) due to
McClintock and Barsani [100], the changes in the dominant singular field
at the crack tip is shown for a specific case of 304 stainless steel
subjected to a service stress of 50 MPa at 600*C. The figure shows the
distribution on logarithmic coordinates of the stress a as a function
of radial distance from the crack tip in units of crack length. At time
zero the stress distribution near the crack tip is dominated by a time
independent plastic field of HRR(Hutchinson-Rice-Rosengreen) type of
singularity shown by J and the distant field is characterized by the
stress intensity factor, shown by K. As time advances the J field is
rapidly superceded by the lower grade singularity of the primary creep
strain analysed b Riedel [99]: This is shown by Cp . At around 105
seconds the modification due to the secondary creep singularity analysed
by Riedel and Rice [98] has arrived at the crack tip region of interest.
Its effect is shown by the line C . At very long times of 109 seconds
the secondary creep field singularity due to Riedel and Rice diminates
the entire region.
As it was pointed out by Argon [28], these asymptotic stress
distributions are mainly useful as characterizing parameters for the
distant field for long cracks in very large specimens. For mechanistic
modelling of the crack tip damage processes, however their utility is
quite small. As the computations of the notch tip stress
redistribution, discussed in the previous section have demonstrated
dramatically, the crack tip blunting and the cavitational creep damage
must radically alter the stress field near the crack tip to at least
several radii of the blunted crack tip. As a result, the singular
distributions are certain to be completely wiped out. To what extent
this is the case for creep cracks is at the present, unknown.
-77-
111.2.2. Modelling creep crack growth
Phenomenological theories
Creep crack growth rates have been measured for several alloy
systems, under various test conditions, using different test specimen
geometries. A quite detailed description of the reported experimental
data is given in [101]. Three approaches have been widely used to
correlate the measured creep crack growth rates. In the first, proposed
by Neate and Siverns [102], it is assumed that the crack growth rate is
proportional to (KI)S, where K% is the stress intensity factor obtained
from linear elastic fracture mechanics and s is constant which is close
in value to the creep index of the material.
In the second approach, used by Webster [103], it is suggested that
the rate of crack growth depends on C a parameter derived from the path
independent integral J by replacing strain and displacement by strain-
rate and displacement rate.
In the third approach, described by Neate [104], the component
lifetimes are determined either by a representative rupture stress or by
an average stress which acts on the minimum section of crack plane.
Of the theories described above only the representative rupture
stress theory is based upon physically realistic mechanisms [94]. The
techniques that make use of K and J, are adhoc extensions of classical
fracture mechanics from temperatures below the creep range to
temperatures above it. Such extensions have not been justified by
consideration of the physical processess which operate in the creep
range. This is the principal deficiency of these techniques since the
purpose of developing such theories is to extrapolate short-term
laboratory data obtained from small specimens, to larger structural
components which are to operate for long periods. It is well accepted
now that depending on the micromechanisms ofcrack growth, there may be
history effects, which implies a given value of the load parameter (i.e.
K, J, or C ) does not unequivocally determines the crack growth rate in
a given material at a given temperature.
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Theories based on the physical mechanisms
Materials fail by the nucleation and the growth of grain boudnary
defects by mechanisms appropriate to the operating temperatures, stress
level, stress state and environment. We discussed these physical
mechanisms in the previous chapters. These mechanisms are thought to
operate in crack-tip situations, thus being the driving force for crack
growth.
Constitutive equations, for the nucleation and growth of grain
boundary cavities in conjunction with the macroscopic crack-tip stress
fields, have been used to model the creep crack growth process. Crack
advance in some of the proposed models is assumed to occur due to cavity
coalescence, in others, when a critical strain is reached at a distance
ahead of the crack tip or when a formal damage parameter reaches a
critical value. The results of such investigations have been reviewed
in detail in [101] and will not be discussed here.
However, a criticism that maybe levelled is that, the constitutive
equations employed in these models have been derived for one dimensional
states of stress, which are not encountered in the fracture process
zones ahead of plane strain cracks. Furthermore, with almost no
exception the proposed creep crack growth models assume that cavities do
not modify the crack-tip stress fields. This is an important omission,
as it was discussed previously, since stress redistribution due to
cavitation in front of the crack tip can have a pronounced effect on
components' life time.
111.3. The Effect of Environment on the Notch-Rupture Behavior
The developments in understanding the notch-rupture behavior we
have discussed so far make no allowance for the effect of an aggressive
environment around the specimen. Indeed, most of the experimental
assessments are performed without due regard to the test environment as
a variable. The role of environment in notch rupture testing is
particularly complex, and this may explain its relative neglect as a
research subject. We shall concentrate our discussion on the work
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performed on Nickel-base superalloys, since this work involved this
alloy system.
Many recent studies indicate that the most serious problem
encountered in high-temperature fracture resistance of Ni-base alloys is
associated with an environmental effect [105]. Most often, this
conclusion is drawn from comparison of the results of tests carried out
in air and in inert atmospheres. Although a number of atmospheres can
still be more severe than air, a number of studies indicate that oxygen
can produce very deleterious effects [106]. The environmental effect
manifests itself as reduction in creep rupture life [106], notch stress
rupture life [107], ductibility at fracture [106], and increased fatigue
and creep crack growth rates [108].
Significant improvement in the notch-rupture of Merl 76, when
tested in vacuum, has been reported by Law and Blackburn [107]. The
rupture life increased from 2-3hrs in air to over 600hrs in vacuum with
the test terminated with no failure. More importantly, it was also
reported that testing 6hrs in a vacuum followed by testing in air also
dramatically increased the notch-rupture life. This observation
suggests that the crucial part of a notch test is in the initial stage
where most of the deformation takes place. Further, it also suggests
that it is the interaction of the environment during the plastic
deformation, rather than oxidation alone, which causes the premature
notch failure. It is clear that both the crack initiation and growth
characteristics of the notch bar are modified by the environment.
The mechanisms by which oxidation can degradate the mechanical
properties of superalloys have been reviewed recently by Floreen and Raj
[109]. According to these authors a number of mechanisms can intervene.
Preferential oxidation of primary MC carbides and grain-boundary
cavitation produced by oxidation in Ni-base alloys, are two mechanisms
which are well documented. According to the first one, this
preferential attack can produce notches at the specimen surface which
will facilitate crack initiation. The second mechanism causes grain
boundary embrittlement which eventually leads to reduced rupture life,
ductility and enhanced crack growth rates [105,103].
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In Ni-base superalloys it is extremely difficult to identify one
specific mechanism for grain-boundary embrittlement produced by oxygen
penetration, because of the complexity of these materials. As far as
life prediction is concerned a fruitful approach is to quantify the
effects, both in terms to crack initiation and crack growth rates, and
learn to predict the consequences.
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IV. EXPERIMENTAL PROCEDURES
IV.1. Material
The material used in this investigation was commercial IN-X750 with
the chemical composition shown in Table (IV-1). The alloy was received
in the form of 1/4" diameter rod.
Table IV-1. Chemical Composition of IN-X750 Alloy (Wt.%)
C S Mn Si Cr Co Ti Al Fe Cu Ni+Co F Cb+Ta
.005 .002 .17 .13 15.34 .09 2.59 .82 8.21 .06 71.28 .006 1.07
IV.1.1. Heat Treatments
The as received material was given two heat treatments shown in
Table IV.2. The grain size produced with the AH-treatment was about
13pm, while the HT treatment produced grain size of about 250pm.
Optical micrographs of the mcirostructure after the heat treatment are
shown in Figure (IV.1) and (IV.2). Both heat treatments are used
commercially for rods, bars and forgings. The A treatment is used for
applications requiring high strength an ductility at service
temperatures up to 1100*F and HT for applications requiring maximum
creep and rupture strength and high stress relaxation resistance at
servic.e temperatures above 1100*F.
The IN-X750 alloy, which contains aluminum and titanium, is made
precipitation hardenable by the combination, during heat treatment, of
these elements with nickel to form gamma prime (y'), the intermetallic
compound Ni 3(Al,Ti).
Creep resistance of IN-X750 stems from the uniform dispersion of
intragranular y'; whereas rupture properties are more closely related to
grain boundary microstructure. Further details on the metallurgy of IN-
X750 especially with respect to the effect of heat treatment on creep
and rupture properties are given in [110-112].
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Figure IV-1 Microstructure of AH heat treated IN-X750.
Figure IV-2 Microstructure of HT heat treated IN-X750.
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Table IV.2. Heat-Treating Sequence - AC: Air-Cool
AH HT
Solution - Treatment none 1145 0C/4h/AC
Intermediate Aging Treatment 885 0C/24h/AC 840*C/24h/AC
Final Aging Treatment 705*C/20h/AC 705*C/20h/AC
IV.2. Tensile Test Procedures
High temperature tensile tests were performed on a screw driven
universal testing machine, equipped with a three zone resistance
furnace, under constant crosshead displacement rate. The tests were run
at 700*C and a crosshead displacement rate of .02 in/min. Temperature
was controlled within ± 4*C.
Tensile tests were performed on cylindrical bars with the geometry
shown in Figure (IV.3). From the recording of the load versus the
crosshead displacement, the engineering 0.2% yield stress, the ultimate
tensile strength (UTS), the engineering plastic strains and the
corresponding stresses were determined graphically. The plastic
constitutive laws of both heat treatments were then obtained.
IV.3. Creep Test Procedures
Creep tests were performed on a dead-load lever arm testing maching
at 700*C. Temperature was controlled with two thermocouples placed at
the upper and lower ends of the specimen, within ± 4*C.
Creep rupture data and the creep curves for various stress levels,
were obtained using cylindrical specimens identical to those described
in the previous section. Creep strain was calculated from elongation
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measurements obtained with a dc-dc LVDT connected to an extensometer
attached to the gauge length of the specimen. The strain at fracture
was measured directly on the broken specimen.
Finally strain measurements during a creep test were also obtained
by applying the dc potential drop technique. Details are given in the
next section.
IV.4. Notch Stress Rupture Test Procedures
Notched stress rupture tests were performed on a dead-load lever
arm testing maching on axisymmetrically notched bars. Two types of
notch geometries were used, the circular notch geometry (Fig. (IV.4),
which we refer to as the "U" notch, and the British Standard notch (Fig.
IV.5), which we refer to as the "V" notch. The U-notch geometry was
selected because it can be utilized to study the deformation and rupture
characteristics of a material under a triaxial state of stress, while
the V-notch is the commonly used geometry for notch stress rupture
testing. The special features of these two geometries, in terms of
stress distribution have been analyzed in Chapter III.
Two identical notches 1/2" apart were ground accurately into the
gauge length of the notched specimens in order to facilitate
metallographic examination of creep damage distribution at fracture.
The notch stress rupture tests were performed at 700*C, with the
temeprature being monitored and controlled within ±40C with two
thermocouples placed at the upper and lower ends of the specimens.
The notch stress rupture tests were monitored in real time using
the dc potential drop technique. A description of this experimental
technique, the system used and the procedures to apply this technique to
notch stress rupture testing, is given in the next sections.
IV.5. The dc Potential Drop Technique
There are several experimental methods that have been used to
measure and quantify the accumulation of creep damage [113]. One among
them, the dc potential drop, is based on the physical principle that
deformation, cracking and microstructural changes in a metallic sample,
-88-
cause changes in the resistance ofthe sample. As a result, if a
constant electrical current is continuously passed through the sample,
the same physical processes will cause changes in the measured potential
across a portion of the sample.
This technique has been extensively used with fracture mechanics
type specimens, where through a calibration curve of the change in
potential due to crack advance, crack length measurements are made
during crack growth rests [114,115]. Recently a calibration of
potential change with crack length depth was derived, for
circumferentially-notched cylindrical specimen using the finite element
procedures [116,117].
The dc potential drop technique has also been employed in the past
to meaure creep cavitation in plain and notched bars of Cr-Mo-Vstails
[118]. The conclusion reached in this preliminary work was that large
changes in the resistivity of these materials due to microstructural
changes during creep testing, contributed to the lack of significant
increases in resistance until cracking was well developed. As yet, this
technique could give informaion regarding the crack formation in notched
specimens. The same technique was successfully used to measure damage
in plain and hourglass shaped cylindrical bars of IN-100 during fatigue
tests at high temperature [119]. In the latter work a general analysis
of the contribution of deformation and damage to the potential changes
was presented.
In the next sections we present the dc potential drop system and
the methodology developed in our laboratory to monitor creep tests
performed in plain and notched specimens.
IV.5.1. The dc potential drop system
The data described in the following chapter were obtained with an
automated system assembled from readily available components. Figure
(IV-6.) shows the control block diagram of this sytem. A constant
current of 10 amps (dc) was povided by a power supply (HP 62598 dc power
supply). The dc potentials were measured with a high impedence
voltmeter (HP3478A multimeter). The output characteristics of these two
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Figure IV-6. Control block diagram of the de potential drop system.
dc power
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pieces of equipment are given in Table IV.3. The voltmeter is connected
with a switch control unit (HP-3488A), which provides switching
capability for multichannel measurements with the integrity and
isolation needed for high performance test systems. Both the voltmeter
and the switch control unit are interfaced with and controlled by a
desktop computer (HP-85) for data acquisition. All components are
connected to a common noise filtering surge protector, which guards
against transient peaks and voltage spikes (frequency 10KHZ to 300MHZ).
The system can be used to measure crack length in conventional fracture
mechanics specimens, and also to monitor creep rupture tests as it is
described in the next section.
Table IV.3. Output Characteristics
Stability Temperature Coefficient Resolution
% Output % Output/*C (nV)
dc power source 0.3(+1OmA);8hrs 0.1+4(mA) -
voltmeter 0.27;24hrs .0028 100
IV.5.2. dc potential drop procedures
An electrical current of 1OA was supplied through commercial pure
nickel wires which were spot welded on the shoulders of the specimen.
The changes in the potential accross the two notches in a specimen were
measured during creep testing, with the system described in the previous
section. For this purpose, two pairs of chromel wire were attached by
spot welding at points where notch intersects the straight section of
the specimen, 180* apart, at the opposite sides of each notch. A third
pair of wires, "the reference probe" was attached on the straight
section of the specimen, 1/2" away from the notch tip. The location of
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the probes is shown schematically in Figure IV-6. The reference probe
potential was used to correct the potential measured across the notch
for temperature variations and current drift. Details of the correction
procedures are given in the next section.
Using the dc potential drop system, five measurements are made per
data cycle during a rupture test. These measurements are the potential
drop across the two notches, the reference probe potential, and the two
thermocouple readings. Data are taken every 35 sec. A warm-up time of
24hrs was allowed for the electronics to stabilize prior to testing.
The dc potential drop was also used with plain specimens. In this
case three pairs of chromel wires were attached by spot welding, 180*
apart, along specified lengths within the gauge length of the specimen.
IV.5.3. Signal correction procedures
The potential drop due to creep damage must be separated from
changes arising from other causes, for instance, temperature
fluctuations, current drift, surface oxidation, microstructural changes,
emf and line related noise. To measure the true potential change
related to creep, it is necessary to make a correction of the signal for
contributions due to these other sources. This correction in the
present work, is done in the following manner.
1. By integrating the signal over an integral number of power
line cycles (PLC), the effects of line related noise are
averaged to zero, by taking ten readings at 1PLC integration
time and averaging them together.
2. By using a reference probe, to take into account current drift
and temperature fluctuations.
Changes in the reference probe potential during creep testing are
due to sources, other than the physical process which also affect the
measured potential accross the notch in a similar way. Thus the
variation of the reference probe potential can be used to eliminate the
additional contributions. The reference potential as a function of time
for two tests is shown in Figure IV-7. Two types of variations can be
distinguished: 1) a short range variation, which is emf type noise with
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the values have been offset
an amplitude of ±1uV and 2) a long range variation, mainly due to
temperature fluctuations and current drift, which was less than 7pV for
all tests. Using this information the corrected potential across the
notch, is given the by the following equation:
V cor(t) = V(t) V (0)/V (t) (IV-1)
where V(t) = potential across the notch at time (t)
V (0)= reference probe potential at time zero
V (t)= reference probe potential at time t.
A detailed derivation of equation IV-1 is given in Appendix 1.
IV.5.4. Correlation of potential with deformation and damage
Smooth bar
The relation of the potential across a portion of the straight
section of a smooth specimen is derived by using first principles (see
Appendix 2) and is given by the following equation:
V(t) A
ln [V(0)] = 2[ln(K2 ) - ln (1-D)] (IV-2)
where A is the initial cross section area
0
A is the cross section area at time t
a
D is the damage parameter De[0,1]
or
ln-V(t)] = 2e -21n(1-D) (IV-3)V c
0
where sc is the creep strain.
In the case where the contribution of cavitation is small, then the
change in potential is mainly due to creep deformation.
Notched bars
The previous analysis was based on the assumption that the current
lines are parallel to the axis of the specimen, and that deformation and
damage are distributed uniformilly.
These assumptions obviously are not satisfied in the case of
geometries containing relatively sharp notches. A more complicated
analysis accounting for the non uniformities in deformation, damage and
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current flow is required. It is clear that in such cases, the
dependence of the potential on deformation and damage, will be function
of the geometry and the distribution of strain across the notch.
The approach taken in this work was to establish, experimentally, a
relationship between overall strain in the notched bar and the change in
the potential across the notch. This was achieved by monitoring the
notch rupture test with the dc potential drop and additionally measuring
the axial strain with a dc LVDT. The results of this calibration are
presented in the next chapter.
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V. EXPERIMENTAL RESULTS
V.1. Tensile Tests
The tensile test results for both heat treatments are shown in
TAble V.1. The AH-heat treated IN-X750 exhibits higher tensile strength
and ductility. Fracture for the AH-heat treated IN-X750 was ductile
with the typical cup and cone morphology, while in the HT-heat treated
IN-X750, fracture was brittle, caused by the propagation of surface
cracks. The constants of the uniaxial plastic constitutive law
n
(e =(a/s ) P are also given in the same table.
TABLE V.1. 700 Tensile Test Results
U.T.S. .2% YS %el % R.A. Bp Np
(Ksi) (Ksi) (Ksi)
AH IN-X750 106 97.8 12.3 39 105.7 20.8
HT IN-X750 97.8 79.5 16.7 12.8 88.5 15.4
V.2. Uniaxial Creep Tests
V.2.1 Creep Deformation
The creep strain/time curves for different stress levels for the AH
and HT heat treated IN-X750 are shown in figures (V.1) and (V.2)
respectively. The shape of the strain-time relationships for all cases
are similar and consist of secondary and tertiary creep stages, with
tertiary being the dominant one, and with little or no primary creep
stage. The absence of primary creep stage seems characteristic of
nickel base alloys in the 650 to 750*C temperature range (71). The
dominance of the tertiary stage creep is due to the nucleation and
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growth of cavities, very early in the creep life, as it has been shown
in cavitation studies on both heat treatments of IN-X750 (112).
Further, the fraction of the rupture life of AH-IN-X750 spent in
tertiary stage creep increases as the applied stress decreases, while
the trend is reversed in the HT IN-X750 (see Table V.2). In the latter
case, at the low stress levels tertiary stage occupies almost the entire
rupture life.
The minimum creep rates, for both heat treatments of IN X-750,
measured in the creep tests, are summarized in (Table V.2) and (Table
V.3). The HT-heat treated IN X-750 exhibits higher resistance to creep
deformation, manifested by the lower minimum creep strain rates for the
same applied stress.
TABLE V.2. Summary of Creep Test Results
AH-Heat Treated IN-X750
tR m R mtR R mtR tr/tR
(ksi) (hrs) (hr- 1)
79.5 2 4.7x10-2  .36 .092 3.9 .84
61.2 11.3 7.4x10-3  .34 .084 4.0 .66
40.7 116.5 4.7x10-4 .32 .092 3.5 .63
The equation of the power law dependence of the minimum creep rates on
the applied stress were determined by a least square fit of the
experimental data and are given by
AH Heat Treatment
= 1.23x10-13 (a)6 .05 (V-I)
m
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Table V.3. Summary of Creep Test Results
HT-Heat Treated IN-X750
(*) tr time spent in tertiary stage creep
HT-Heat Treatment
em = 1.3x10-37(a)18.25 (V-2)
The strains at fracture for the creep tests are given in Tables
(V.2 and V.3). The average fracture creep strain at 700 C for AH and HT
heat treated IN-X750 are .34 and .16 respectively. The effect of stress
on the fracture strain, if any, is smaller than the scatter in the
data.
V.2.2 Creep Rupture
Constant load creep rupture test results are presented in figure
(V.3) for both heat treatments of IN-X750, and are also summarized in
Table (V.2). The HT-heat treated material exhibits significantly higher
creep strength in the stress range tested. In all tests of the AH-heat
-100-
0. *
a tR m R m R R m R tr/tR
(ksi) (hrs) (hr- 1 )
89.7 1.94 4.4x10- 2  .13 .085 1.53 .27
77.4 13.1 5.7x10-3  .18 .075 2.4 .46
72.15 20.7 1.3x10- 3  .18 .027 6.7 .86
67.2 43 3.5x10-4 .14 .0152 11.2 .80
65.2 116.7 1.1x10-4 .145 .0127 11.4 .79
rupture tests 700 C
smooth bar
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Figure V-3. Uniaxial stress rupture results for AH IN-X750 and HT IN-X750.
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treated IN-X750 final fracture occurred after plastic necking by a
ductile cup and cone mode. On the other hand, in the HT-heat treated
IN-X750 fracture was the result of the propagation of surface cracks.
The exact nature of creep damage, in both heat treatments, will be
discussed in detail later.
The equations that best describe the experimental stress rupture
data were determined by a least square fit and are given by:
AH Heat Treatment
tR = (89.9/a)6 .06 (V.3)
HT Heat Treatment
tR = (94.8/a) 11.8 (V.4)
It can be seen that the exponent of the rupture time/stress relationship
has the same absolute value with the exponent in the Norton's law
equation for the AH-heat treated material, while it is different for HT-
heat treated material. Thus, naturally the product of the minimum creep
rate and the rupture time, given by the following equation, is constant
for the AH-heat treated material.
AH-Heat Treatment
E t = .089 (V.5)
In the HT-heat treated IN-X750 the same product is decreasing as the
stress decreases (see Table (V.3). A generalized form of the Monkman-
b
Grant relationship (e t = C ) was determined by a least square fit of
m r m
the experimental data which is given by:
HT-Heat treatment
(Em .56t = .75 (V.6)
The exponent of 0.56 is considerably smaller than the average Monkman-
Grant exponent of about 0.85 (49).
V.3 Notch Stress Rupture Tests
Constant load notch stress rupture test results are presented in
terms of the net section stress, in figures (V.4) and (V.5) for the AH
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Figure V-4. Stress rupture data for the three specimen geometries of AH IN-X750.
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and HT IN-X750 respectively. For both heat treatments, in the stress
range tested, IN-X750 exhibits notch strengthening. The U-notch
specimen appears to be stronger than the V-notched specimen in the case
of the AH heat treated IN-X750. The elastic tress concentration factors
are 1.58 and 4.8 for the U-notch and V-notch geometries respectively
(120, 121). Therefore, this result somehow could be rationalized in
terms of the higher stress elevation at the root of V-notch geometry.
On the other hand, no significant difference in rupture strength is
observed between the U-notch and V-notch geometries in the HT-heat
treated material, which indicates that the previous argument will not be
adequate to explain the notch stress rupture behavior of IN-X750.
The equations that best describe the experimental notch stress
rupture data for both heat-treatments and notch geometries were
determined by a least square fit and are given by:
AH Heat Treatment
U-notch t = (119/a net) 6.7 (V.7)
V-notch t = (111.7/a ) 6.4 (V.8)
R net
HT Heat Treatment
U-notch tR = (151.5/a ) 9.84 (V.9)
R net
V-notch tR = (166.7/a net) 8.3 (V.10)
Similarly, as in the case of the uniaxial stress rupture data, the
exponent of the rupture time/net stress relationship is the same with
the exponent in the Norton's Law equation, for both the notched
specimens of the AH heat treated material. In the case of the HT heat
trated material, the exponent in equations (V.9) and (V.10) is different
than the exponent in the Norton's Law equation, but is approximately the
same with the exponent in the corresponding equation for the uniaxial
stress rupture data (e.g. (V.4).
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Imm
Figure V-6 Macrographs of
tested at 700C
fracture in AH
of fracture in
(a)
(b)
fracture surfaces of U-notch specimens
showing: a) "cup and cone" type of
IN-X750(94.2ksi 4.3hrs),b)brittle type
HT IN-X750.
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Failed notch
64 hr. 61.2 ksi
9 hrs 49.2 ksi
1mm
Figure V-7 Macrographs of fracture surfaces of V-notch specimens
of AH IN-X750 tested at 700C showing that failure
occured by crack propagation.
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unf ai led notch
Figure V-8 a) Macrograph of fracture surface of V-notch specimen
of HT IN-X750 showing multiple initiation,
b) SEM fractograph of initiation site;fracture is
intergranular and cavities are observed on the grain
boundaries.
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V.3.1 Fractography of Notched Rupture Tests
The fractured surfaces of the notched specimens were examined with
a stereo optical microscope and a scanning electron microscope in order
to determine the site of initiation and the mode of fracture.
Macrographs of the fractured U-notched specimens for both heat
treatments are shown in figure (V.6). In all cases, for this specimen
geometry, fracture initiated at the center of the specimen and
propagated towards the surface. In all tests of the AH-heat treated IN-
X750 final fracture occurred after plastic necking by a ductile cup and
cone mode figure (V.6a). This last feature was not observed on the
fracture surfaces of the U-notched specimens of the HT-heat treated
material. In the latter case fracture was, in all cases, brittle
intergranular. The fracture mode in the AH-heat treated material could
not be determined by the fractographic examination due to the heavy
oxidation of the fracture surfaces. Sectioning and microscopic
examination of the unfailed notches of the notched specimens was used to
determine the nature of creep damage and the mode of fracture in this
case. These results are presented in the next section.
In the V-notched specimens fracture initiated at the root of the
notch by the formation of a single crack which subsequently propagated
causing the failure of the specimen. This is clearly indicated in
figure (V.7) which shows the fracture surfaces of the failed notch and
the unfailed notch, after broken in liquid.nitrogen, for two tests of
the AH-heat treated material. Comparison of the fracture surfaces of
the failed and unfailed notch of the same specimen indicates that the
last stage of crack propagation, usually termed as fast fracture, covers
a significant portion of the fracture surface of the failed notch.
Thus, the effect of the applied load is better reflected, on the fracture
surfaces of the unfailed notches. Similarly, crack initiates at the
notch in the V-notched specimens of the HT-heat treated material (figure
V.8a). As seen, there is multiple site crack initiation and the cracks
propagated from the initiation sites without finally linking together.
The fractograph in figure (V.8b) is from an initiation site (i.e. dark
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area in Fig. (V-8.a)) and shows that fracture was intergranular and
cavities were observed on the grain boundaries.
V.3.2 Creep Damage in Notched Bars
Additional information about the fracture process and the creep
damage in the notch stress rupture tests was obtained by
metallographically examining longitudinal sections of the unfailed
notches of the notched specimens after fracture.
A. U-Notched Geometry
Figure (V.9) shows longitudinal midsection micrographs- of the
failed and the unfailed notches in a U-notch specimen of the AH-heat
treated material. The unfailed notch is obviously quite close to
fracture. In double-notched specimens, when one notch breaks, then the
other is usually a good representation of the situation just prior to
fracture and shows that fracture has initiated near the longitudinal
center line on the minimum section and is progressing outwards. In a
manner which is totally analogous to cup and cone fractures at room
temperature, the fracture front travels normal to the maximum tensile
stress until a plane stress shear instability condition is reached,
resulting in the shear lip shown in figure (V.6b). The fracture mode is
clearly intergranular caused by linking of facet cracks.
Figure (V.10a) shows a longitudinal midsection micrograph of the
unfailed notch in a U-notched specimen of the HT-heat treated material.
In this case as well, fracture initiated near the longitudinal center
line of the minimum section. Creep damage appears in the form of grain
boundary faceted crack which, judging from the distance between them,
are not linked with each other. Figure (V.10b) shows detail of the
previous micrograph, which indicates a series of creep cavities along
the grain boundary connecting the edges of the two cracks.
B. V-Notch Geometry
Micrographs of sections of the unfailed notch in V-notch specimens
of the AH- and HT-heat treated materials are shown in figures (V.11a)
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Figure V-9 Micrograph showing the distribution of facet cracks
near the center of a diametral plane of a U-notch
specimen of AH IN-X750.(79.2ksi 19hrs)
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Figure V-10 a) Micrograph showing the distribution of facet cracks
near the center of a diametral plane of a U-notch
specimen of HT IN-X750 at fracture(101.5ksi 49hrs)
b)detail showing that facet cracks are formed by
coalescence of grain boundary cavities.
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Fiqure V-1l Micrographs of longitudinal midsections of V-notch
specimens which shows the extent of damage associated
with the formation of a macrocrack at the root of the
notch in a) AH IN-X750 (50.4ksi 163hrs) b) HT IN-X750
(90ksi 155hrs)
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and V.11b) respectively. In both cases there was crack initiation at
the root of the notch, which must have taken place a significant amount
of time prior to final fracture. In the case of the AH-heat treated
material, there is considerable creep damage in the form of grain
boundary cracks around the main crack. There is considrable branching
of the main crack, which remained wide open due to the high ductility of
the AH-heat treated material. In the HT-heat treated material the main
crack is sharp and very well defined. There is no indication of creep
damage around the main crack which could cause branching.
V.4 Application of the Potential Drop to Rupture Testing
The tests presented in this section were monitored in real time
with the dc potential drop system described in the previous chapter.
The objective was to obtain additional information that will advance our
understanding of the notch stress rupture behavior of materials. In the
remaining pages of this chapter we present the results obtained by using
the dc potential drop technique in creep rupture tests.
V.4.1 Uniaxial Creep Tests
Two of the uniaxial creep tests, one for each heat treatment, were
repeated and strain measurements were made using the dc potential drop
technique. The procedures for these tests have been described in
(IV.5.2) These results are shown in figures (V.12) and (V.13) for AH-
and HT-heat treated materials respectively. The potential measurements
for three sets of probes are plotted in terms of 1/2 ln(V/V 0) versus the
normalized time (t/t R) in order to take into account the scatter in the
rupture time. The agreement with the strain measurements, made
conventionally with the LVDT, is very good for the AH-heat treated
material. This correlation is expected, and indicates that the relative
contribution of creep damage to the potential change is small.
All three probes give the same results up to approximately 70% of
the rupture life. Beyond this point the two sets of probes with the
smaller spacing measure increasingly higher values, compared to the
measurements by the third set of probes. This was attributed to the
-114-
0 .1 .2 .3 .4 .5 .6 .7 .8 .9 1
Figure V-12.
TIME: t/tf
Comparison of the creep strain measured by
and by LVDT in a smooth bar of AH IN-X750.
the dc potential drop technique
. 4
e-N
0
N--
.36
.32
.28
.24
.2
.16
.12
.08
.04
0
0 .1 .2 .3 .4 .5 .6 .7 .6 .9 1
TIME; t/tf
Figure V-13. Comparison of creep strain measured
and by LVDT in a smooth specimen of
by the dc potential
HT IN-X750.
drop technique
.3
0
.27
.24
.21
.18
S15
.12
.09
.06
.03
0
higher sensitivity of the probes with the smaller spacing to localized
phenomena such as necking.
In the case of the HT-IN-X750 shown in figure (V.13), agreement
between the strain measurements, made conventionally and with the dc
potential drop, is observed only up to approximately 30% of the rupture
life. Beyond this point the dc potential drop strain measurements are
increasingly higher. The readings by all three sets of probes remain
the same throughout the test which is in agreement with the fact that no
necking was observed in the creep tests of the HT-heat treated material.
The difference was found to be due to the early crack initiation near
the surface of the smooth bar. This point will be discussed further in
the next chapter.
V.4.2 Notch Rupture Tests - AH-Heat Treatment
A. U-Notch Geometry
The potential versus time curves for three different levels are
shown in figure (V.14). The shape of the potential/time curves is not
unlike that of uniaxial creep tests. A very short primary stage,
followed by an almost negligible secondary and an extensive tertiary
stage can be observed. The primary stage for a notched specimen
geometry is primarily related to stress redistribution after the initial
loading. The same set of data plotted versus time/time to rupture
for each individual test is shown in figure (V.15). A single curve
describes the deformation and rupture behavior of the U-notched specimen
of the AH-heat treated material in the stress range tested. From this
last plot, it is clear that the product of the minimum potential rate
(dV/dt)min and the time to rupture is constant. Further, the dependence
of the minimum potential rate on the net section stress was determined
by a least square fit of the experimental data and is given by:
U-Notch AH-IN-X750
dV/dt) . = 6.4x10-6at (ksi)]6.7  (V.11)
min t net
dV/dt) . (mV/hr) t (hrs) = .2 (V.12)
min R
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Figure V-14. Potential vs time curves for the U-notch tests of AH IN-X750(note: the values
have been offset for comparison purposes;initial values of the order of 2.5mV).
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The exponent of the net section stress in equation (V.11) is the
same as the exponent in Norton's law for the uniaxial creep data (e.g.,
(V.1). Equation (V.12) is the analogy of the Monkman-Grant relationship
of the uniaxial creep tests (eq. (V.6). These measurements indicated
that, at least the initial portion ofthe potential/curves reflects the
deformation of the notched specimens.
a. Potential/Deformation Relationship
The relationship between the potential change and deformation
across the U-notched specimens was derived experimentally. Rupture
tests of the U-notched specimens were repeated and strain measurements
were made using an LVDT. Since a diametral extensometer was not
available, we measured the axial displacement which was converted to
axial creep strain by using an equivalent gauge (1 ), calculated from
Equation (V-13):
Zn(1+Al /1 )=21n(D /D ) (V-13)f o o f
where Al = axial displacement at fracture
D = initial minimum section diameter
0
D = minimum section diameter at fracture
The diameter of minimum section at fracture was measured from the
unfailed notch after the test. The axial creep strain is compared with
the potential change expressed in terms of ln(V/V ) in Figure (V-15.a),
where it can be seen that there is good agreement during most of the
creep life. Thus, the potential/deformation relationship for the U-
notched specimen is given to a first approximation by the following
equation:
ln(V/V )= 21n(D /D) (V-14)
where V = potential across the notch at time t
V = initial potential across the notch
D = initial diameter of minimum cross section
0
D = diameter of minimum cross section at time t.
Assuming that the average equivalent creep strain across the U-notch is
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equal to 21n(D /D), the potential/time curves shown in Figure (V-14)
were converted to creep curves. The dependence of the minimum creep
rate on the net section stress and the Monkman-Grant relationship for
the U-notched specimens were obtained from the experimental curves and
are given by U-notch geometry AH-IN-X750
s = 6.4x10-16(a )6.7 (V-15)
e,m *net
e t = 0.076 (V-16)
e,m R
A summary of the experimental results on the U-notched specimen of
the AH-heat treated material is given in Table (V.4).
Table V.4. Summary of U-Notched Rupture Tests
AH Heat Treated IN-X750
anet tR em R o /f e,m R R e,m R
(ksi) (hrs) (hr- 1)
94.2 4.36 1.76x10- 2  .152 .077 1.97
79.2 18.94 4x10-3  .13 .076 1.72
61.2 82.4 9.1x10-4 .158 .076 2.0
b. Step loading tests
Step load notch rupture tests on the U-notched specimen of the AH-
heat treated were performed in order to investigate the validity of
linear creep damage summation rule for extimating remaining life. This
rule is described by the following equation:
N t
- = 1 (V-17)
i=1 t i
=1f,i
t = time spent at stress level a
t fi= rupture time at stress level a.
A summary of these test results is given in Table V-5, where it can
be seen that the sum of the life fractions is close to one.
-122-
Figure V-16.a
TIME; t/tf
Potential vs time/time to fracture for a two step load test 
(increasing stress)
on a U-notch specimen of All IN-X750,showing the applicability 
of the linear
damage accumulation rule.
.6
E
a.
e4
4-)
0~
.54
. 48
. 42
. 36
03
.24
.18
.12
.06
0
S U
AH IN-X750 700 C
U-notch step load test
" step load test tf-48. 4
linear summation rule
* U-notch deformation behavior
tf-18.9 hre at 79.2 ksi
tf-82.4 hre at 61.2 ksi
. 42
.36
.3-
.24
. 18
. 12
.06 .
0
x
x
x
x
N
79.2 ksi
61.2 ksi
,*
R"
',"U
S.
XXXxxxN
X 55 
x XX 1wxx 
x
an'um~ - - I - a
.2 .3 .4 .5 .6
Figure V-16.b
TIME; t/tf
Potential vs time/time to fractrure for a two step load test (decreasing stress)
on a U-notch specimen of AH IN-X750, showing the applicability of the linear
damage accumulation rule.
. 54
.48
E
at
a
3 .1
-1 ~~~ --i------r- - - -
....
.9. 8.7
Table V-5. Summary of Stepload Tests (U-Notch)
AH Heat Treated IN-X750
Loading Rup re Time Time a h6 s)2 ksi Time a h74 2 ksi Et /t
61.2ksi79.2ksi 46.7 40 6.7 .84
79
.
2 ksi61. 2ksi 48.4 39.6 8.8 .94
Rupture times: at 61.2ksi t =82.4hrs, at 79.2ksi t =18.94hrs.
The purpose of these tests was to examine the linear summation rule in
the view of the pd measurements which is shown in figure (V-16). The
potential vs (t/t f) curve for the step load tests is compared with the
potential vs (t/t f) curve, which was shown in Figure (V-15) to uniquely
describe the defomation and rupture behavior of the U-notched specimens.
The third curve in the same plots represents the summation rule and it
was obtained by plotting the potential change in the two segments of the
first curve versus the time normalized with respect to rupture time for
the corresponding stress level. In doing so the rupture times were
multiplied by the result of the summation for each test in order to
compare all curves on the same basis. It is clear from Figure (V-16)
that the stage of creep damage and the damage rate at a specific
fraction of the total life is the same and independent of the previous
stress history. Thus, the linear summation rule can be used to estimate
remainjing life of the U-notched specimens of the AH-heat treated
material.
B. V-Notch Geometry
The potential versus time curves for four different stress levels
are shown in Figure (V-17). There is clearly a secondary stage, during
which the potential rate is approximately constant, which was not
observed in the potential/time curves of the U-notch specimens. The
same set of data is replotted versus time/time to fracture for each
-125-
individual test in Figure (V-18). For all cases, the potential rate was
initially almost constant and of the same magnitude up to the point
where accelerated potential rates differentiate the curves from each
other. The fraction of life (i.e. value of t/f ) at which this takes
place depends on the stress level. As can be seen in Figure (V-18), in
the case of the high stress level test this occurred at around 90% of
the rupture life, while in the case of the low stress test it occurred
at about 50% of the rupture life. That was a clear indication that the
transition from an approximately constant to a rapidly increasing
potential rate was associated with the initiation of a crack at the
notch root and its growth. The same data replotted vs time/initiation
time, given by the transition point, is shown in Figure (V-18.a). As it
was the case in the U-notch specimens a unique curve describes creep
deformation of the V-notched specimen prior to initiation. The exact
definition of crack initiation with the potential drop is discussed in
the next section.
a. Crack initiation
Defining the initiation time and establishing a systematic way for
detecting crack initiation with the potential drop required further
analysis of the potential/time curves.
In section (IV.4) it was mentioned that the probes were attached at
points where the notch intersects the straight section of te specimen,
180* apart, at the opposite sides of each notch. The effect of probe
location on the potential/time curve was investigated before any attempt
to determine which point on the curve corresponds to crack initiation.
A notched rupture test was performed in which three additional sets of
probes, besides the original one, were attached at points where the
notch intersects the straight section of te specimen, with the probes in
each set being 0* apart and the sets placed at different locations
around the notch. The location of each set of probes and the
corresponding potential/time curve is shown in Figure (V-19). The
difference between the curves is small but increases during the later
stage of the test due to non symmetric crack propagation. The curve
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Figure V-17.
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corresponding to the set of probes placed 180* apart, almost coincides
with the curve obtained by averaging the measurements made by the rest
of the three sets with the proves placed at 0* apart. Thus, probe
location does not have any significant effect at least during the
initial stage prior to crack initiation and besides, by placing the
probes 1800 apart a good averaging is obtained.
The point on the potential/time curve corresponding to crack
initiation was established with two independent procedures. Notch
stress rupture tests were repeated and interrupted at the specified
location on the potential/time curves. The results of such tests are
shown in Figure (V-20.a). The reproducibility of the potential/time
curve is very good. The specimens from the interrupted tests were
longitudinally sectioned through the symmetry plane and
metallographically examined. No cracks were found in the specimen of
the test which was interrupted around 65% of the rupture life while a
crack of about 30im in size was observed in the specimen of the test
interrupted at 83% of the rupture life (see Figure (V-10.bc).
The second procedure involves the comparison of the potential/time
curves for the two notches in the same specimen. Figure (V-20.d) shows
the potential curves for the two notches for the long and the short time
tests shown in Figure (V-18). The curve corresponding to the notch that
failed in the tests gradually deviates from the curve corresponding to
the unfailed notch. The difference in the potential among the two
notches is due to the earlier crack initiation in the notch that finally
failed.
Thus crack initiation in the V-notched specimens can be defined
either by a specific increase in the potential with respect to the line
describing the steady state increase in potential (i.e. procedure 1), or
by a specific difference in the potential of the two notches (i.e.
procedure 2). The specific value of potential change that corresponds
to crack initiation was determined by considering the resolution and
sensitivity of the potential drop system shown in Figure (IV-7). This
value was taken to be equal to 15iV which corresponds to crack size of
35pm, calculated using the potential crack length calibration derived
for this specimen geometry [122]. The crack initiation times determined
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using the above definition, are listed in Table (V-6) which is the
summary of the test results on the V-notched specimens.
b. Potential/deformation relationship
The minimum potential rate across the V-notch was found to be a
function of the net section stress to same power as in the case of the
U-notch geometry. Further the strain at fracture expressed as
21n(D f/D0), measured on the unfailed notch was approximately the same
with the potential change at initiation expressed as ln(V /V ) (seeJ. 
. 0
Table (V-5)). The strain at fracture in the V-notched specimens was
assumed to be equal to the strain at initiation since no further
significant reduction in the cross section area takes place after crack
initiation. Thus, it was concluded that the potential/deformation
relationship derIved for the U-notch geometry, also holds to a first
approximation for the V-notched specimens. The potential/time curves
were converted to creep curves for the V-notched specimens and the
dependence of the minimum creep rate on the net section stress was
determined by a least square fit of the experimental data.
Table V.6. Summary of V-Notched Rupture Tests
AH Heat Treated IN-X750
anet tR t i/tR e s.=21n(D /D f) m t t ln(V 1/V) /m t.
(hrs) (hrs) (hr- 1)
79.2 9.2 .85 5x10- 3  .053 .046 .039 .052 1.34
61.2 59.4 .70 9x10-4 .053 .053 .038 .048 1.4
55.8 89.6 .65 5.2x10~4 .053 .057 .037 .051 1.4
50.4 162.9 .56 3.8x10-4 .053 .063 .036 .046 1.5
*
t.=initiation time; e =strain at initiation; V4=potential at
initiation
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V-Notch AH IN-X750
m =3.05x10 1 4(anet )5.9 (V.18)
The exponent in the initiation time/net section stress relationship
(eq. (V-19) has the same absolute value as in equation (V-18), which is
different from the value of the exponent in the rupture time/net section
stress relationship (eq. (V-9). As a result the product of the minimum
creep rate with the rupture time depends on the applied stress, while
with the initiation time is constant (see Table V.6). Thus the
equivalent to the Monkman-Grant relationship of the smooth, ought to be
expressed in terms of the initiation time for the V-notched specimens.
V-Notch AH IN-X750
t.=(115.1/a n (V.19)
2.1 net
s t= .037 (V.20)
c. Crack Propagation
Crack propagation rates under sustain load were measured in the V-
notched specimens. Crack length measurements were obtained from the
potential curves. The relationship between potential change and crack
length was derived using finite element analysis (122] and is given by:
C/C = [.133(V/V.)-1.292x10-11 1 /2-6.144x10- 2  (V.21)
where C = crack length measured from notch tip
C = half of minimum cross section diameter
0
V = potential across notch at time t
Vi= potential across notch at initiation.
The crack growth rates are plotted versus the stress intensity factor in
Figure (V-21), which was calculated by the formula suggested by Harris
[123].
K =a (nD)i/2[1/2 d/D 1-d/D ]1/2T net 4-3.2d/D (V.22).
where D = outside diameter of axisymmetric bar
d = notch root diameter of axisymmetric bar
a = net section stress
net
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Figure V-21. Creep crack growth rates of AH IN-X750,measured
from V-notch rupture tests, vs. the stress intensity
factor.
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A three stage behavior, which often is observed in creep crack growth
tests of a wide variety of alloys [1011, can be seen. In the middle
portion of the curve, which is often called Stage II crack growth, the
crack growth rates are uniquely correlated with the stress intensity
factor. The slope of the middle portion of the curve, shown in Figure
(V-21), was approximately six and thus equal to the stess exponent of
Norton's law for the AH-heat treated IN-X750.
d. Reproducibility of notch rupture test results
A selective number of rupture tests on the V-notched specimens were
repeated in order to evaluate the reproducibility of the potential drop
measurements and the scatter in the notch rupture tests. The results of
these tests are summarIzed in Table (V.7) and the potentIal/time curves
are shown in Figure (V-22).
Table V.7. Summary of Repeated V-Notched Rupture Tests
AH Heat Treated IN-X750
As can be seen, when the rupture times of the repeated tests do not
differ significantly with each other, then the potential curves are very
well reproduced (i.e. cases of 61.2 and 50.4 ksi). The potential curves
were different for the tests at 55.8 ksi, where higher deformation rates
-137-
net t t t /t m i t.
R ± i R in mn
(ksi) (hrs) (hrs) (hr-1)
61.2 63.9 43.1 .67 1x10- 3  .054 .043
61.2 59.4 42 .70 9x10-4 .053 .038
55.8 112.6 73.3 .65 5.2x10-4 .053 .037
55.8 89.6 55.6 .62 6.2x10-4 .053 .034
50.4 162.9 92.31 .56 3.8x10-4 .053 .035
50.4 160.8 86.9 .54 4.8x10-4 .06 .041
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in one of the tests resulted in earlier initiation and final fracture.
Yet, in both cases nucleation took place at the same fraction in life
(see Table (V.7)). This is further demonstrated in Figure (V-23) where
the potential change has been plotted vs. time/time to fracture for each
of the two tests. The two curves almost coincide which indicates that
despite the scatter in the rupture time, the Monkman-Grant relationship
is satisfied and initiation takes place at the same fraction of the
rupture life for the same applied stress.
V.4.3 Notch Rupture Tests - HT Heat Treatment
A. U-Notch Geometry
Notched stress rupture tests on U-notched specimens were also
performed on the HT-heat treated IN-X750 and the results were analysed
in the same way as in the case of the AH-heat treated IN-X750. A
summary of the test results is given in Table (V.8). The dependence of
the minimum creep rate and the time to rupture on anet and the Monkman-
Grant relationship for the U-notched specimens were obtained from the
experimental curves, shown in Figure (V-24), and are given by:
U-Notch Geometry HT IN-X750
e ,m=1.Ox1O- 37( net )17 (V.23)
(E m). 6 t R=.62 (V.24)e,m 
The deformation and rupture behavior of the U-notched specimens can
be compared with the smooth bar behavior given by equations (V-2), (V-4)
and (V-6).
In this case as well, the time to rupture depends on the net section
stress to smaller power than the value in Norton's law and the product
of the minimum creep rate and the time to rupture is a function of the
applied stress and therefore not constant.
B. V-Notched Geometry
The stress rupture results of the V-notched specimens of the HT
heat treated IN-X750 are summarized in Table (V-9). The dependence of
the minimum creep rate and the initiation time on the net section stess,
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Table V.8. Summary of U-Notched Rupture Tests
HT Heat Treated IN-X750
and the Monkman-Grant relationship
curves, shown in Figure (V-25) and
were obtained
are given by:
from the experimental
-Table V.9. Summary of V-Notched Rupture Tests
HT Heat Treated IN-X750
V-Notch Geometry HT IN-X750
= 9.1x10-39 (a )17.3
m net
t.= (160.3/a )8.3
.Anet
(V-25)
(V-26)
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anet tR e,m R=21n(D o f e,m R R e,mtR
(ksi) (hrs) (hrs- 1)
110.18 6.05 - -
104.1 42.1 9.5x10-4 .045 .04 1.12
101.5 49 8.2x10-4 .06 .04 2.6
90.4 163.1 1.1x10-4 .063 .019 3.3
a tR t. t I/t s.=21n(D 0/D) e t. ln(V /V )
net R1 i R m 1 o f m i 'i'o
(ksi) (hrs) (hrs) (hr- 1)
105.5 55 - - - - - -
100.8 43.5 34.3 .79 5.4x10-4 .023 .018 .023
94.7 150.3 90.18 .60 1.03x10-4 .023 .009 .015
90 155 85.8 .55 7.9x10- 5 .022 .007 .012
(;m .51t =.72 (V-27)
The deformation and rupture behavior of the V-notched specimens can
be compared with the smooth bar behavior given by equations (V-2), (V-4)
and (V-6).
Certain features in the potential/time curves of the HT heat
treated material, which were not observed in the V-notched rupture tests
of the AH IN-X750, should be emphasized.
As seen in Figure (V-25) the potential changes in these tests are
much smaller than in the case of the AH IN-X750. In all of the tests
the total change in potential at fracture was of the order of 60
microvolts. Crack initiation took place approximately after a change in
potential of the order of 10 microvolts. As a result the effect of
electrical noise became significantly more important and a certain
procedure had to be adopted in order to minimize this effect. The raw
data was fitted to a forth degree polynomial, thus eliminating any
anomalies in the potentIal/time curves, particularly at the early stages
of the test where the changes in potential were very small. The curves
shown in Figure (V.25) were obtained using this procedure.
The particular with the potential/time curves of the HT heat
treated material is the relatively significant primary stage that was
observed particularly in the low stess tests. As it was mentioned
before, in the case of notched specimens this stage is associated with
the stress redistribution in the notched specimens. Thus, in the case
of the V-notched specimens of the HT heat treated material, stress
redistribution takes a considerable time, almost up to 20% of the
rupture life, which was not the case in the AR heat treated material.
Hayhurst et al [88], in calculating the creep stress redistribution in
notched bars, pointed out that notches manufactured from creep ductile
materials will have smaller times to stationary-state than notches
manufactured from creep brittle materials if the rupture data of the two
materials is comparable. It should be emphasized that the terms creep
ductile aid brittle describe the resistance of an alloy to creep
deformation. In the particular case of IN-X750, judging from the
uniaxial creep deformation data, the HT heat treatment significantly
increased the resistance of the alloy to creep deformation, compared to
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Figure V-26. Creep crack growth rates of HT IN-X750, measured
from V-notch rupture tests, versus the stress
intensity factor.
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the AH heat treated IN-X750, thus making it creep brittle.
In view of the small potential changes measured in the V-notch
stress rupture tests of the HT heat treated material, crack initiation
was defined by a 5 microvolt increase in potential with respect to the
line describing the steady state increase in potential. This definition
was consistent with the separation of the potential curves for the two
notches in the same specimen and was physically consistent with the
localized crack initiation observed in this case, which was discussed in
Section (V.3.1). The strain at initiation, measured with the potential
drop was smaller than the strain at fracture, measured from the unfailed
notch in the low stress tests. Of course, the magnitude of the strains
is small and the difference can be attributed to scatter, but it could
also be due to the localized crack initiation and propagation which
would imply that there was further reduction in areas across the notch
after initiation.
The crack propagation rates versus the stress intensity factor for
the HT heat treated material are shown in figure (V-26). There is
considerable scatter in the data which can be attributed to the non
uniformity of cracking. The three stages of the creep crack growth
curve are not easily distinguishable in this case. The stage II crack
growth rates depend on the stess intensity factor to a power of twenty
which is approximately equal to the stress exponent in Norton's law for
the HT heat treated material. The crack grwoth rates of the HT IN-X750
for the same value of the stress intensity factor are lower compared
with the AH IN-X750 but the increase of the propagation rates for a
certain increase of the stress intensity factor is much higher in the HT
IN-X750. This indicates the low resistance to cracking of the HT IN-
X750 which should be expected for a very brittle material.
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VI. DISCUSSION OF EXPERIMENTAL RESULTS
The principles of the Continuum Damage Mechanics were used to
analyse the creep deformation and rupture behavior of the notched
specimens, quantified using the dc potential drop technique. The
relationship between the smooth and notch bar behavior and the
suitability of the continuum theory to describe and predict the creep
deformation and rupture behavior of different specimens of IN-X750 are
discussed in this section.
VI.1 Creep Deformation ani Rupture of AH IN X-750
VI.1.1 Creep Deformation
Comparison of the experimental and the predicted uniaxial creep
curves using the principles of the Continuum Damage Mechanics, for the
AH IN-X750 is shown in Figure VI-1. The agreement is very good
throughout most of the life. The difference during the last portion
of the creep curve is mainly due to necking. The solid lines were
obtained using Eq. (11-14) and the quantities C and were obtained
m
from the experimental data.
Similarly, the experimental and the predicted creep curves, using
Equation (11-14), for the U-notch and the V-notch specimens are shown in
Figures VI-2 and VI-3 respectively. In the case of the V-notched
specimens, only the initial portion of the curves, up to the initiation
time, was considered. In the case of the notched specimens the
predictions of the continuum theory are very good, as well.
The strain measurements obtained with the potential drop, shown in
Figures VI-2 and VI-3, represent the actual straIns only in the case of
the U-notch geometry. The uniform distribution in creep strain in this
geometry allows the actual creep strain to be obtained from the
reduction in the cross section area, which was obtained with the
potential drop technique. The actual strain in the V-notch geometry,
due to the high strain concentration in the vicinity of the notch, can
only be obtained by finite element calculation. In that, the
measurements with the potential drop technique will be very useful in
verifying the calculations. As a result, comparison of the Monkman-
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Grant constants is only meaningful between the smooth bar and the U-
notched specimen. The constant in the latter case is smaller which
concludes that for the same minimum creep rate, the U-notched specimen
will have a shorter rupture life than the smooth bar. We will return to
this point in the next section where we discuss the rupture behavior of
the AH IN-X750. The value of the creep damage tolerance X, being a
ratio of strains, is not significantly affected by the strain
distribution. This parameter expresses a measure of an alloy's ability
to redistribute strain concentrations without cracking. Large values of
X imply that the strain at fracture is considerably larger than the
Monkman-Grant constant and that tertiary stage creep occupies a
significant portion ofthe creep curve. Thus, the highest value of X is
observed in the uniaxial creep tests (Fig. VI-1) where a considerable
amount of creep strain was accumulated during the extensive tertiary
stage creep. The V-notched specimens exhibit the lowest value of X,
since the creep deformation is localized in the vicinity of the notch
and constrained by the surrounding material which is deforming at a much
lower rate. As a result, the creep strains at initiation shown in Table
V-6 are very close to the Monkman-Grant constant and the creep curves
shown in Fig. (VI-3) exhibit very limited tertiary stages creep prior to
crack initiation. These observations are in agreement with the
predictions of the Continuum Theory which are summarized by the
following equations:
w = 1-(1-t/tR)/x+1 (11-15)
X = x+1/x+1-n . (11-18)
The value of x, according to Equation (11-18), increases as X decreases
and in turn from Equation (11-15), the amount of creep damage w at a
specified fraction of the rupture life decreases with increasing values
of x. These are qualitative results but they do describe very well the
shape of the creep curves for the three geometries investigated, shown
in Figure VI-4. The three curves in Figure VI-4 show the shape of the
creep curves for the three specimen geometries which was independent of
the applied stress, in the stress range of the tests performed. As
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mentioned in the previous chapter, the initial portions of the curves
corresponding to the notched geometries, which resemble primary stage
creep, are associated with the stress redistribution in the notched
specimens after loading. The time to reach a stationary stress
distribution is clearly considerably larger in the V-notched specimens.
The damage parameter w in the continuum theory has not been related
to any physical quantity [54], although in certain cases it has been
related to the loss of cross sections due to cavitation [124]. The
predictions of the strain/time curves for the three specimen geometries
were equally good despite the fact that in the smooth bar the
contribution of reduction in cross-section area to the increase in
strain rates was more significant. Thus, w is a measure of the overall
effect of more than one damage mechanisms, which can operate
simultaneously, on the creep strain rates. Lemaitre et al [125,126],
suggested that the value of w can only be obtained from strain rate
measurements, according to the following equation.
= 1-(1+s/1+s* )(min /E)1/n (VT-i)
where C*: strain corresponding to the onset of
secondary stage creep.
This equation is generally applicable to constant load creep tests;
in the case of constant stress tests the quantity in the first
parenthesis equals to one. The data obtained from the previous equation
can then be fitted to a generalized damage equation proposed by Lemaitre
and Chaboche [125,126]:
w = (a/A) V (-w)k(a) (VI-2)
where k(a) depends on the applied stress
which when integrated for constant stress condition gives the damage
parameter as a function of time.
w = 1-(1-t/t 1/k(a)+1 (VI-3)
Such modification of Equation (11-15) used in the Continuum Damage
Theory of Karhanov, was based on the observation that in refractory
alloys, such as IN100 [125], the accumulation of creep damage at
different stress levels is not linear with time and independent of the
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previous stress history. We would further add, based on our
measurements of creep deformation in the notched specimen that x in
Equation (11-15) or k(a) in Equation VI-3) also depend on the specimen
geometry and thus values obtained from uniaxial tests should be used
with caution in calculations of complex structures. Last, it should be
emphasized the equation (11-14), used to predict the creep curves, was
derived for constant stress condition and thus can only be applied to
tests under such conditions or to constant load tests of brittle
materials where the variation of the stress due to geometrical changes
are negligible. In the case of constant load creep tests of ductile
materials this equation ought to be modified by incorporating the true
stress instead of the initial stress; such analysis is given in [60]
and therefore it will not be discussed here. In the particular case of
the AH IN-X750, which is a relatively ductile material this modification
was not considered necessary for the following reasons 1) most of the
strain in the unixial creep tests was accumulated late in life, while
the reduction in area in the notch rupture tests was not significant to
introduce significant error and 2) since the creep damage accumulation
in the AH ITN-X750 is linear with time, as shown with the step load tests
reported in Chapter IV, then based on the stress history of each test an
average stress can be calculated which in a constant stress creep test
will yield the same time to rupture as the constant load test. This
ficticious stress could be used to represent the constant load tests.
Storakers [127] has outlined this methodology in order to treat constant
load tests with the continuum theory. The calculatd average stress for
the uniaxial creep tests on AH IN-X750 was about 5% higher than the
nominal stress which was not considered significant, and thus no
correction was made.
VI.1.2 Creep Rupture
The AH heat treated IN-X750 exhibits notch strengthening in terms
of the net section stress for both notch geometries. The degree of
strengthening is reduced in the V-notched specimen due to the formation
of a single crack at the root of the notch prior to failure. Crack
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initiation was shown to occur at increasingly lower fractions of the
rupture life as the stress decreased (see Table (V-6)). Thus at low
stress levels crack propagation occupied considerable portions of the
rupture life.
The stress dependence of the minimum creep rate and the reciprocal
of the time to rupture was the same for both the smooth and the U-
notched specimens. Similar relationship was found between the crack
initiation time and the minimum creep rate in the V-notched specimen.
Further, the product of the minimum creep rate and the rupture time, or
the initiation time for the V-notched specimens, was constant and
independent of the applied stress. These observations indicate that
fracture in the smooth and U-notched specimens, and crack initiation in
the V-notched specimens were actually governed by creep deformation.
According to the continuum damage theory correlation of the rupture
life of different specimen geometries requires the knowledge of the
multiaxial rupture criterion of the material, i.e. the representative
rupture stress which controls the accumulation of creep damage. An
estimation of the representative rupture stress can be obtained by
comparing the Monkman-Grant constants of the smooth and the U-notch
specimens. The relationship between them, is obtained by combining
equations (11-16), (11-17), 11-25), (11-26) and is given by:
Cs/Cu u+1)/(xs +)(a / )V (IV-4)
m m R e
where s - smooth bar
u - U-notched geometry.
Using the experimentally obtained values for the constants in the above
equation the representative rupture sterss is calculated to be equal to
1.02 a . This result was expected, based on the previous argument that
e
fracture, and crack initiation in the V-notched specimen, is controlled
by creep deformation. The stress rupture results for the three specimen
geometries now plotted in terms of the representative rupture stress are
shown in Figure (VI-5). The values for the equivalent stress, used to
calculate the representative rupture stress for the notched specimens,
were obtained from the calculations by Hayhurst et al. [90] and
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correspond to the location of the initiation of fracture in each
geometry, i.e., the center in the U-geometry and the root of the notch
in the V-geometry. In the case of the latter, the data correspond to
the initiation time rather than the rupture data. Evidently, judging
from the correlation, we can conclude that the continuum damage theory
provided a very good description of the deformation and rupture behavior
for both the smooth and the notched geometries for the particular case
of the AH IN-X750. In doing that there was not any reference to
particular mechanisms of creep damage.
The rupture life of the V-notched specimen consists of the crack
initiation and the crack propagation regimes. The first, as it was
shown, correlates with the smooth bar rupture data. As a result any
attempt to relate the rupture life of notched specimens with high stress
concentration to the uniaxial rupture properties is likely to yield
inaccurate results. The mechanisms controlling crack initiation are not
necessarily the same as the ones controlling crack propagation. Thus
predictions of the rupture life in such cases requires that crack
initiation and propagation ought to be treated separately. The dc
potential drop technique is a powerful experimental tool capable of
providing the necessary information for analysing the notch rupture
behavior of commercial alloys.
VI.1.3 Micromechanisms of Fracture
The process of creep fracture of the AH IN-X750 at 700*C has been
investigated in detail [112,128], as it was revealed that the fracture
process consisted of three stages:
1. Nucleation of cavities
2. Growth and interlinkage of cavities to form crack of one
grain facet and more in length
3. Final crack propagation.
The nucleation of cavities was shown to start very early in the
primary stage at points both along grain edges and triple junctions.
The specific modes were identified as separation at, and internal
cracking of precipitates. Extensive microstructural analysis of the AH
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IN-X750 indicated that the grain boundary precipitates were mainly
coarse Y' particles of about 0.3 microns in size, which were about two
times the average size of the intragranular coarse y' particles [129].
A zone free of coarse Y' particles adjacent to the grain boundaries with
an average width of 0.5 microns was shown to result from the precipation
and the coarsening on the grain boundaries. The role of the coarse
precipitate free zone, as a location of easily deforming material, was
shown to be very significant to the rupture properties of IN-X750
[129,131]. GraIn boundary cavities were suggested to nucleate as a
result of the increased deformation in the coarse precipitate free zone.
Formation of the grain boundary faceted crack by cavity coalescence was
observed to occur late in the secondary stage [112].
Our observations on longItudinal sections of the U-notched
specimens, shown in Figure (IV-9), agree completely with the above
descriptIon. The fact that a higher concentration of facet cracks was
observed at the center of the U-notched would imply either that the
cavity nucleation rate and/or the cavity growth rate were higher at this
location where both the principal stress and the triaxiality are maximum
[90]. Since fracture was shown to be controlled by creep deformation
and triaxiality did not have any significant effect on rupture time the
first suggestion is most likely true. In similar experiments on Nimonic
80, where the distribution of creep cavities In U-notched specimens was
studied, it was shown that cavity nucleation was influenced by the state
of stress, while cavity growth were unaffected and depend only on the
equivalent stress and therefore the rate of deformation [91,921. This
also suggests, that the cavity growth process most likely controls the
rupture behavior of AH IN-X750.
In commercial alloys intergranular creep fracture involves both, a
continuous nucleation of cavities and growth of the existing cavities by
combined diffusional flow and power-law matrix creep. Argon [26]
discussed this sequence of processes and, in modelling creep fracture by
intergranular cavitation, he incorporated the important effect of
constrained cavity growth under load shedding, suggested by Dyson
[46,47], based on experimental results on Nimonic 80A. The time to
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fracture under multiaxial stress conditions for a constrained cavity
growth controlled process, is given by equation (11-8) which is the
idealized form of the Monkman-Grant law. Time to rupture, according to
this model, is controlled by creep deformation and thus by the
equivalent stress. Within the spirit of the continuous nucleation used
In this model , the fracture time according to Equation (11-8) should be
relatively insensitive to triaxial stresses. The predictions of the
constrained cavity growth controlled model are in very good agreement
with the experimental results obtained In all specimen geometries of the
AH IN-X750 and consequently it is suggested that this mechanism can
adequately describe the rupture behavior of the smooth and the U-notch
specimens and the crack initiation behavior of the V-notch specimens.
Ashby and Dyson [31], in an attempt to unify the continuum and the
micromechanistic approaches to creep fracture, suggested that some
information about mechanisms can be obtained simply from the shape and
the scale of the creep curve. The Information is contained In the
quantities Cm' f and all of which can be read from the creep curves.
For the case of fracture by constrained cavity growth the value of was
calculated to be between 1 and 2.5 [31]. The value of for the U-
notched specimen of AH IN-X750 obtained experimentally was about 2 which
agrees with the suggestion made above about the mechanism of fracture of
this alloy. The value of for the smooth bar was almost twice the
predicted value, which is expected due to the onset of necking during
the tertiary stage creep.
VI.2 Creep Deformation and Rupture of HT IN-X750
VI.2.1 Creep Deformation
The HT heat treated IN-X750 exhibited higher resistance to creep
deformation as manifested by the considerably lower than the AH IN-X750,
minimum creep rates for the same applied stress. Similarly, as it was
observed in the latter case, tertiary stage creep occupied considerable
fraction of the rupture life and contrary to the usually observed trend
in the HT IN-X750 the fraction of life spent during tertiary stage creep
increased with decreasing stress. (See Table V.3). The stress exponent
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in Norton's law for the HT IN-X750 was considerably higher than for the
AH heat treated IN-X750. These differences cannot be attributed only to
the effect of the grain size. In a commercial alloy such as IN-X750, of
more importance is the change in the grain boundary morphology which
accompanies heat treatment. Both heat treatments have discontinuous
grain boundary precipitates and a zone free of coarse y' precipitates
adjacent ot the grain boundaries. The precipitates on the grain
boundaries in the HT IN-X750 were coarse y' and carbides of
approximately the same size [1291. The carbides were found to be M 23C6
type chromium carbides. This type of grain boundary precipitates was
not observed in the AH IN-X750. The precipitate free zone, in HT in-
X750 was found to be wider and depleted of chromium [128,129]. The size
and distribution of the intragranular precipitates were approximately
the same in both cases. A quantitative appraisal fo the grain bouncary
morphology on the creep deformation behavior of IN-X750 is not yet
available.
Comparison of the experimental and the predicted uniaxial creep
curves, according to the Continuum Theory, for the HT IN-X750 is shown
in Figures (VI-6) through (VI-10). The agreement is satisfactory only
for the two tests with the shortest rupture times. In the rest of the
tests the predictions underestimate both the creep strain and strain
rate. Similar comparison of the creep curves of the U-notched specimens
is shown in Figures (VI-11) through (VI-13), and as seen the prediction
is very good. This difference is unexpected considering: 1) the
constitutive equations describing the creep deformation and rupture
behavior for the two geometries were similar and 2) the stress range of
tests in both cases was relatively narrow. Besides, it was shown in the
previous section for the AH IN-X750, that the same constitutive
relationships described the creep deformation rupture behavior of both
geometries. These observations indicate that at the lower stress level
uniaxial creep tests an additional damage mechanisms caused increased
strain rates and consequently shorter rupture times. The plot of the
minimum creep rate vs. the rupture time for the uniaxial tests of both
heat treatments of IN-X750 shown in Figure (VI-14), further supports
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such argument.
Examination of the fracture surfaces of the smooth bars indicated
that fracture in the HT IN-X750 was caused by the surface initiation and
propagation of cracks. Optical metallographic observations on
longitudinal sections of the smooth bars revealed a spatially
inhomogeneous distribution of facet cracks, which were concentrated
close to the surface of the specimens, thus leaving the bulk of the
cross-sectional area devoid of any damage (Figure (VI.15a). The damage
near the fractured end of the specimen, shown in Figure (VI-15b), was
primarily twIn boundary cracks at approximately 45* to the stress axis,
while very little intergranular damage was observed at this location of
the specimen. Similar observations on the same heat treatment have been
reported by Pandey et al [133], who also pointed out that twin boundary
cracking required: I) sliding along the twin boundaries and (ii)
extensive intragranular deformation. When the material was embrittled
either by prior environmental interactions or by prior room temperature
prestraining, no twin boundary cracking was observed in the creep tested
smooth bars. Exposure of the HT IN-X750 to high temperature has been
shown to cause nucleation of grain boundary cavities which result in
early crack initiation, increased strain rates and reduced rupture life
[1321. The susceptibility of the HT IN-X750 to environmental
interaction can be attributed to carbide precipitation on the grain
boundaries and the associated chromium depletion which reduces the
resistance of the material to oxidation.
In view of the above observations, it is suggested that at the
lower stress level uniaxial creep tests, crack initiation during the
second stage creep was responsible for the early onset of the tertiary
stage creep. The creep strain rates in the smooth bar during this stage
were thus controlled by the crack propagation rate, in other words by
the rate of reduction in the load carrying section of the specimen. For
the same reason, the strain measurements in these tests agreed with the
measurements made with the potential drop only up to approximately 30%
of the rupture life (see Figure V-13). The potential drop measurements
thereafter became increasingly higher due to the crack propagation which
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contributed to the increase in potential.
The continuum theory predicted the behavior of the U-notch
specimens where fracture initiated internally and thus the environment
did not have any significant effect on the deformation and rupture
behavior. In the uniaxial creep tests where an additional damage
mechanism, i.e. the initiation of a crack, intervened during the
secondary stage, the predictions were unsatisfactory at the lower stress
level tests. This would imply that the secondary and tertiary stages in
the uniaxial creep tests ought to be treated separately. Assuming that
the onset of the tertiary stage is given approximately by the point
where the experimental and predicted creep curves start deviating from
each other in Figures (VI-8) through (VI-10), then the continuum theory
predicts very well the tertiary state strain/time relationships for the
lower stress level tests, shown in Figures (VI-16) and (VI-18). The
minimum creep rates calculated for the three cases from the values of
Cm, used for the fit, and the times spent in tertiary stage, are plotted
vs. the time in tertiary stage, together with the experimental data in
Figure (VI-19). As shown by the dotted line, the creep deformation and
rupture behavior of the high stress level tests seems to be also
followed during the tertiary stage of the lower stress level tests.
Thus, intragranular deformation is suggested to play and important role
during tertiary stage creep, while deformation of the denuded zones
seems to be more important during the secondary stage. The absolute
value of the reciprocal slope of the dotted line in Figure (IV-19) is
approximately 0.80 which is close to the average Monkman-Grant exponent
of about 0.85.
The creep deformation behavior of the V-notched specimen of the HT
IN-X750 was not analysed with the continuum theory, due to the extensive
time spent for stress redistribution prior to crack initiation. Finite
element analysis will be required to study the creep deformation of this
geometry and the potential drop measurements can be extremely useful in
guiding the calculations.
VI.2.2 Creep Rupture
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The experimental results of HT IN-X750 indicate that fracture in
this alloy is not controlled only by creep deformation, as it was the
case in the AH IN-X750. The stress dependence of the minimum creep rate
is considerably higher than that of the reciprocal of the time to
rupture for the smooth and the U-notched specimens. Additionally the
Monkman-Grant exponent in all specimen geometries was considerably lower
than the average value of 0.85. The rupture data for the three
geometries is replotted in terms of the equivalent stress in Figure (VI-
20), where it can be clearly seen that rupture life in the HT IN-X750 is
not a unique function of the equivalent stress. Similar results have
been reported in [132], where it was shown that the HT IN-X750 follows a
mixed fracture criterion, which implies that the representative rupture
stress of this alloy is a function of both the equivalent and the
maximum principal stress. According to the arguements presented above,
the U-notch data points should lie somewhere to the left of the uniaxial
data in Figure (VI-20), whereas they lie to the right of the uniaxial
curve. We believe this is also due to reduction of the rupture life of
the smooth bars caused by the effect of environment. Further, crack
initiation in the V-notched specimens is also expected to be influenced
by the environmental interactions.
Interpretation of the multiaxial rupture data and comparison with
the uniaxial rupture behavior is not possible for the case of HT IN-
X750, at least in the way it was done for the AH heat treated IN-X750.
The environmental synergisms are different in each of the three
geometries investigated and thus life is expected to be highly sensitive
to section size. The effect of environment on the notch-rupture
behavior of alloys was discussed in Section 111.3 where it was mentioned
as far as life prediction is concerned, we need to quanitfy the effects
of environment and learn to predict the consequences.
VI.2.3 Micromechanisms of Fracture
The process of creep fracture of the HT IN-X750 at 700*C has been
investigated in detail [112,128], and the fracture sequence was found to
be the same as the one described for the AH IN-X750 (see Section
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VI.1.3). The grain size of the two heat treated IN-X750 under
investigation was found to have quite different effects upon the
deformation process (i.e. s . ) compared to the fracture process (i.e.
t R), which basically was suggested to be related to the relative ease of
fracture in the coarse grained material. Since the cavity nucleation
mode was the same in both heat treatments, it was suggested that a
difference in the cavity and crack growth mechanisms was responsible for
the grain size effect [112].
In view of the experimental results of the uniaxial creep tests,
presented in the previous sections, the relative ease of fracture in the
HT IN-X750 is associated with the early crack initiation due to
environmental interactions during the secondary stage creep. As a
result the grain size effect upon the rupture time can be interpreted in
terms of the morphology and chemistry of the grain boundaries.
The experimental results of the U-notched specimens offer a unique
opportunity to investigate the micromechanisms of creep fracture, since
the environmental effect was not significant in these tests. The
dependence on stress of the reciprocal of the time to rupture and
Monkman-Grant exponent for the U-notched specimens given by Equations
(V-9) and V-24) are approximately the same as the predictions of the
model for creep fracrure based on continuous nucleation of cavities and
cavity growth by the unconstrained process, given by Equations (11-9)
and (II-9a). The Monkman-Grant relationship for the multiaxial case,
according to the model is given by:
e min )0.6 tR= A/(a )2/5 (VI-5)
A is a constant.
The right hand side of the above equation, which in the uniaxial case
corresponds to the Monkman-Grant constant, is a function of the maximum
principal stress. The constant of the Monkman-Grant relationship for
the U-notched specimen, shown in Table (VI.1), increases with decreasing
stress levels. Furthermore, the ratio of the constants for two stress
levels was found to be approximately equal to the inverse ratio of the
stresses to a power of 0.40. These results give additional support to
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the argument that cavity growth by the unconstrained process controls
the rupture life of the U-notched specimens of the HT IN-X750.
Table VI.1 Summary U-Notched Rupture Test
HT IN X-750
a e,min 'R e,min6 R
(ksi) (hr-1 ) (hrs)
104.1 9.5x10-4 42.1 .65
101.5 8.2x10-4 49 .69
90.4 1.16x10-4 163.1 .71
Our observations on longtitudinal sections of the U-notched
specimens, shown in Figure (V-10) agree with the above analysis. The
facet cracks at the center ofthe U-notched sepcimens in Figure (V-10.9),
result from the growth and coalescence of grain boundary cavities, as
seen in Figure (V-10). The growth of the grain boundary cavities is
assisted primarily by the creep deformation of the denuded zones
adjacent to the grain boundaries. At high stress level where
intragranular deformation is significant, as it was shown in the
uniaxial creep tests, cavities nucleate and form cracks along the twin
boundaries.
VI.3 Crack Growth Behavior of IN-X750
The rupture life of the V-notched specimens of both heat treatments
of IN-X750, can be divided in the crack initiation and crack propagation
stages. The duration of each stage depends on the applied load, the
mechanisms of damage and the specimen's geometry and size. It is clear
from the results fo this investigation, that in order to understand the
notch rupture behavior of engineering alloys, both the crack initiation
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and propagation ought to be considered and treated separately.
The crack propagation rates for both heat treatments were measured
from V-notched rupture tests and were shown in terms of the stress
intensity factor in Figures (V-21) and (V-26). Crack propagation,
particularly in the case of the HT IN-X750, was eccentric and as a
result these data can only be treated in a qualitative manner. In both
cases there was an initial transient stage in which the crack growth
rates increased very rapidly. Since these data were obtained from
specimens which were not precracked, it is suggested that the transient
behavior is associated with the propagation of the crack through a zone
of material in the vicinity of the notch, which has already experienced
considerable creep damage. During the subsequent Stage II crack growth,
the crack is driven by the local stress field and as a result the damage
is concentrated close to the crack tip. These arguments are partly
supported by the micrographs of sections of V-notched specimens shown in
Figure (V-11). In the case of the AH IN-X750, the concentration of the
facet cracks around the main crack is higher closer to the notch and is
considerably reduced away from the notch (see Figure V-11.a). No facet
cracks are observed around the main crack in HT IN-X750, shown in Figure
(V-11.b).
The AH IN-X750 exhibits an extensive Stage II crack growth while in
the HT IN-X750 the same regime is not easily distinguishable. An
analogous situation is observed in the creep deformation curves of V-
notched specimens of the two heat treatments. The potential curves of
the AH V-notched specimens shown in Figure (V-18) exhibit considerable
steady state prior to crack initiation, while the correspondent curves
for the HT specimens are characterized by an extensive initial transient
stage, which is followed by a short steady state that quickly leads to
crack initiation (see Figure (V-25)). The slopes of the Stage II crack
growth were found in both cases to be approximately equal to stress
exponent of Norton's law which would suggest a strain controlled creep
crack growth according to the theoretical models [134,135].
It is thus suggested that the deformation behavior of the V-notched
specimens is in a way reflected in the crack growth curves. It is clear
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that further investigation of this issue is required in order to
substantiate the above argument.
VI.4 Damage Mechanics and the Remaining Life Concept
In the AH IN-X750 where creep deformation controls the development
of damage, it was shown that in the stress range of our experiments, a
unique curve describes the deformation, rupture and crack initiation
behavior of the specimens used in this investigation. In all cases the
Damage Mechanics provided very good predictions of this behavior,
primarily based on the Monkman- Grant cosntant and the strain at
fracture. The latter was mentioned that did not affect significantly
the quality of the predictions. Furthermore, by monitoring the step
load tests with the potential drop technique, we were able to
demonstrate the applicability of the linear damage accumulation rule in
predicting the effect of stress variations on the rupture life of AH IN-
X750. Tests with multiple load steps are clearly required to positively
confirm this result.
As a result of the above observations, it is suggested that
estimation of remaining creep life, for the particular case of the AH
IN-X750, can be based on strain or strain rate measurements and the
continuum damage theory. According to the procedure outlined in
[62,81], the values of the Monkman-Grant constant can be obtained from
available data and measurements of strain or strain rates on the plant
or in the post exposure tests can be used to estimate remaining creep
life. It is very important that we understand the limitations of such
procedure. Our conclusions were based on short time tests which
obviously do not represent the stress levels and the conditions
encountered in service. During long time exposures at low stress
levels, other damage mechanisms, such as environmental effects and
microstructural degradation, might become very detrimental.
Furthermore, it was shown that crack initiation occured earlier in the
life of the V-notched specimen as the stress decreased. In such cases,
the useful life of a structure will be limited both by crack initiation
and propagation, which ought to be treated separately.
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The applicability of the above described procedure in the HT IN-
X750 did not yield satisfactory results in all cases, which also
indicated the complexity of the fracture process at high temperatures.
In the same set of experiments, it was demonstrated that uniaxial creep
deformation and rupture data cannot be applied in other geometries
without acquiring an understanding of the physical mechanisms involved.
Generalization of the Monkman-Grant relationship under multiaxial state
of stress was not possible in the HT IN-X750. As a result the
application of the same procedure for estimating remaining creep life is
not recommended and thus an other way ought to be investigated to
provide this information.
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VII. CONCLUSIONS
1) A dc potential drop system, consisting of commercially available
equipment, with fully automated recording of the data, was used to study
the creep deformation and rupture behavior of IN-X750. The dc p.d
technique was used in conventional creep tests for high sensitivity
measurements of creep deformation and damage. More important it was used
in creep tests of notched specimens to: a) measure local creep
deformation and damage b) detect crack initiation and c) measure crack
propagation rates.
The potential drop technique is a very powerful experimental tool
which can be used in quantifying and understanding the deformation and
rupture behavior of engineering alloys.
2). The creep deformation and rupture behavior of the AH heat
treated and HT heat treated IN-X750 were investigated at 700*C. Creep
rupture tests were performed on smooth, circular (U) and British
standard (V) notched specimens which were monitored in real time with
the dc pd technique. The HT IN-X750 exhibits higher resistance to creep
deformation which resulted in higher creep strength. In both heat
treatments, notch strengthening was observed in the stress range of the
tests. The degree of strengtheing was reduced in the V-notched specimens
due to early crack initiation at the root of the notch, caused by the
increased creep deformation and damage rates at this location. Crack
initiation was found to occur at earlier fractions of the rupture life
as the stress decreased. Estimation of the rupture life of notched
specimens requires consideration of both crack initiation and
propagation.
3). Creep rupture in the AH IN-X750 was found to be controlled by
creep deformation. The idealized form of the Monkman-Grant relationship
was satisfied in all three specimen geometries. In the V-notched
specimens the Monkman-Grant relationship ought to be expressed in terms
the initiation time instead of the rupture time. The strain/time
relationships for the three specimen geometries were analysed with the
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Continuum Damage Mechanics theory, which provided very good predictions
of the experimental data. The multiaxial rupture criterion of the AH
IN-X750 was obtained from the uniaxial and the U-notched rupture data
and it was shown that the equivalent stress can correlated with the
rupture life of the smooth and U-notched rupture data and the crack
initiation time in the V-notched specimens. Thus, uniaxial rupture data
can only be correlated the crack initiation data in notched specimens
with high stress concentrations. The linear damage accumulation rule
was to shown to adequately predict the effet of load varation on the
rupture life. Creep rupture and crack initiation in the AH IN-X750 was
shown to by controlled by the constrained cavity growth process.
4). Creep fracture of the smooth bars of HT IN-X750 was caused by
the early surface crack initiation during the secondary stage creep and
crack propagation. Such a process was suggested to result from the
deformation and environmental interactions which were linked to the
morphology and chemistry of the grain boundaries. The same effect is
believed to considerably reduce the crack initiation tifnes in the V-
notched specimens. The predictions of the Continuum theory of the
strain/time relationships was only satisfactory in the case of the U-
notched tests. In this case fracture initiated in the center of the
specimens and thus, the environment did not affect the creep deformation
and rupture behavior of the material. Correlation of the uniaxial with
notched rupture data was not possible since different damage mechanisms
were controlling fracture in each specimen. The rupture results from
the U-notched tests agreed very well with the prediction of creep
fracture models based on the continous nucleation of cavities and cavity
growth by the unconstrained process. The Monkman-Grant relationship was
not satisfied in the case of the HT IN-X750. Detailed knowledge of the
damage mechanisms is required in order to predict rupture and crack
initiation in the HT IN-X750.
5). The crack growth rates under sustained load were measured for
both heat treatments from the V-notched rupture tests with the potential
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drop technique. The crack growth curves, da/dt versus the stress
intensity factor, were found to show three stages. Stage I corresponds
to an initial transient where da/dt varies very rapidly with K and it
was attributed to the growth of the crack through material that has
alread experience considerable damage. Stage II was a quasi steady state
regime. This stage was extensive in the AH IN-X750 and short in the HT
IN-X750. Similarly, the secondary creep stage in the V-notch specimens,
was extensive for AH IN-X750 and short for HT IN-X750. It is suggested
that the creep deformation of the V-notched specimens is reflected to
the shape of the crack growth curves.
6). Estimation of the remaining creep life using the continuum
damage theory is likely to be successful for the AN IN-X750. Such a
procedure ought to be investigated carefully before implemented. The
same procedure cannot be applied for the HT IN-X750.
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VIII. RECOMMENDATIONS FOR FUTURE RESEARCH
The dc potential drop technique provided the necessary information
to study the creep deformation and rupture behavior of the notched
specimens of IN-X750 and thus unabled us to relate the notch to the
uniaxial rupture behavior of this alloy. This type of approach can lead
to the quantification of the notch rupture test which currently is used
only as a qualitative test.
Certain aspects of the potential drop methodology have to be
investigated further in order to secure the accurate interpretation of
the experimental results. A calibration of the potential change with
creep stain ought to be derived using finite element analysis, for both
notch geometries. The effects of probe spacing and creep deformation
properties of the material on the relation between strain and potential
change need to be investigated. A similar analysis for elastic and
plastic deformation will be very helpful. The effect of probe spacing
on the calibration of potential change with crack length in the V-
Notched should be studled.
Further work in understanding the notch rupure behavior of
engineering alloys should be performed in two directions. First,
modelling of creep deformation and rupture behavior of notched bars with
finite elements calculations has to be performed in conjuctions with the
experiments. These calculations will require constitutive equation for
both secondary and tertiary stage creep which can be applied under
multiaxial state of stress. Rupture tests on U-notched specimens,
monitored with the potential drop technique, can provide important
information on the mechanisms of fracture and the representative rupture
stress controlling the accumulation of creep damage in the alloy. It
was shown in this work that depending on the .properties of the material
and the notch geometry, stress redistribution in notched specimens can
occupy considerable fraction of the rupture life. In certain cases
fracture can occur before a steady state stress distibution is achieved.
The potential drop measurements provide information regarding the
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duration of stress redistribution, the time spent in steady state and
the onset of cracking and thus, can guide and help improve time
dependent stress/strain calculations in notched bars. These type of
calculations are needed in order to quantify the notch rupture tests.
Second, certain aspects of the fracture process at high temperature,
which are not incorporated in constitutive equations ought to be
investigated. For instance, oxidation is known to be detrimental in Ni-
base super alloys. The effect of environment on creep deformation, how
it affects crack initiation and propagation, has to be investigated and
if possible, quantified. This will require notch rupture test performed
in an inert environment and monitored with the potential drop technique.
Such tests are also required to demonstrate the limitations of the time
dependent stress/strain calculations.
Further, certain questions that have been associated with the
standard notch rupture tests can now be addressed and dealt with the aid
of the potential drop technique. Some of these are, the effects of
specimen size, loading rate and surface treatment on notch rupture
life.
As final comment, we would like to mention that the above
recommendations were based on the theme and the goals of the present
work. The applications of the potential drop technique are numerous,
and a strong recommendation to anyone involved in the materials field
will be to explore the "potential" of the potential drop technique.
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APPENDIX 1. Correction of Potential with the Reference Probe
In general, the potential at time t is given by
V(t) = I(t)R(t) = I(t)p(t)G(t) (A1.1)
where I(t) - current at time t,
R(t) - resistance at time t
p(t) - resistivity at time t, and
G(t) - geometric factor with dimensions (L)~1.
The potential across the notch at any time is given by
V(t) = V (t) + V (t) + V (t) + V (t) (A1.2)
g e p n
or V(t) = I(t)p(t)[G (t) + G (t) + G (t)] + V ( (A1.2a)
where subscript g - initial geometry,
e - strain (deformation),
p - physical process (damage),
n - noise.
The reference probe potential is given by:
V0(t) = V (t) + V o( ) (A1.3)
In the case that V(t)>>V n(t) and V (t)>>Von (t) (see Figure IV-7),
the contribution of noise to the measured potential can be eliminated
from equations (A1.2a) and A1.3). Combining equations (A1.1) and A1.3),
and taking into account that the geometric factor of for the reference
probe does not change with time, we obtain:
V (t)/V (0) = I(t)p(t)/I(0)p(0) . (A1.4)
Combining equations (A1.2a) and (A1.4) gives
V(t) = V (t)I(O)p(0)[G (t) + G (T) + G (t)]/V (0) . (A1.5)
o g e p o
The corrected potential across the notch is
V (t) = I(0)p(0)[G (t) + G (t) + G (t)] (A1.6)
cor g e p
which can be calculated using the reference probe potential according to
the following equation:
Vcor(t) = V(t)V (0)/V (t) . (A1.7)
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APPENDIX 2. Relation of Potential Change and Creep Strain in the
Smooth Bar
The potential across a portion of the straight section of a smooth
bar is given by Ohm's law:
V = IR (A2.1)
where I = current
R = resistance
The current is constant and the resistance is given by the
following equation:
R = r r (A2.2)
r
where r = resistivity of the material
Zr = length between the probes
A = cross section area
r
subscript r indicates real values.
The resistivity r in a commercial alloy if no microstructural
changes occur during testing, can be considered to a first approximation
constant. Via mass conservation during creep, one obtains:
p A 0. = p A r. = p A Z (A2.3)
000 r rr a aa
where p = density of the material
subscript o indicates initial values
subscript a indicates apparent values (measured).
The real density of pr is the density of the material excluding the
cavities, therefore is equal to the initial density po. The measured
and real length between the probes are equal, therefore 2. =Z . The
r a
cross-section area A is obtained by measuring the external diameter.
For the case of creep damage by cavitation, the real cross section area
will be given by:
A = A (1-D) (A2.4)
r a
where D = damage parrame De[0.1].
Combining equations (A2.1)-(A2.4) one obtains:
A
Zn ( =2 [Zn (--R) - Zn(1-D)] . (A2.5)
0 a
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